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Summary

The thesis aims to investigate transient creep in concrete structures. In the first part,
transient creep theoretical fundaments are introduced and discussed. A new semi-
empirical model in terms of LITS, which can be adopted for plain or steel fiber
reinforced concrete, is proposed. A comparison among different empirical models is
carried out. The proposed semi-empirical model is compared both with experimental
results and empirical models from other authors, demonstrating its reliability.

The experimental investigation of transient creep was carried out by means of steel
fiber reinforced concrete cast in 2005. In order to analyze the effects of long-term aging
on the material, a mechanical characterization was performed on SFRC beams. The
mechanical characterization aims to observe changes in concrete tensile properties,
especially the residual post-cracking tensile strength, due to long-term aging. For this
purpose, flexural tests together with indirect tensile tests by means of Double Edge
Wedge Splitting (DEWS) procedure were performed. The results of ten-year-old
specimens are compared with the ones obtained at one-year-old.

The numerical investigation was developed by means of a 2D three-phase mesoscopic
analysis, using finite element modeling (FEM). A parametric analysis is carried out in
order to validate the numerical model and estimate its sensitivity due to different
aggregate distributions and variations on the mechanical properties of the concrete
phases. The path dependence is analyzed on preloaded and pre-heated specimens.
LITS is uncoupled by recognizing the influence of the aggregate geomechanical
properties decay due to the temperature increase (LITSagg), the matrix
thermomechanical properties evolution as function of temperature (LITSmat) and the
effect of the boundary conditions (thermal expansion restraint imposed by the
sustained compressive load) on concrete (LITSkc). A comparison between numerical
and the proposed LITS semi-empirical model results is performed in order to further
validate the model.

Creep tests at high temperature were carried out in preloaded and pre-heated
cylindrical specimens cored from the beams after the mechanical characterization. A
comparison between the experimental results and the new LITS (Load Induced
Thermal Strain) semi-empirical model proposed in the thesis is carried out. A prediction
of creep at high temperature on pre-heated specimens (basic creep) is performed by
introducing in the Kelvin-Voigt model a temperature adjusted parameter that takes into
account the effect of high temperature on creep. The path dependence is analyzed by
comparing the experimental results obtained from the difference between creep in



preloaded and pre-heated specimens with LITSw: function derived in the numerical
investigation. A prediction of creep at high temperature on preloaded specimens (LITS
during heating and basic creep during constant temperature) is developed both by
means of the proposed LITS semi-empirical model and by introducing the effect of the
boundary conditions (LITSkc) in the adapted Kelvin-Voigt model. Finally, significant
results on the reversible mechanical properties of SFRC subjected to high temperature
and a sustained compressive load are highlighted. The limits of validity of the proposed
LITS semi-empirical model when used to predict SFRC behavior are discussed.

Keywords: steel fiber reinforced concrete (SFRC), transient creep, load induced
thermal strain (LITS), high temperature, bending, constitutive model, aging, double
edge wedge splitting (DEWS), tensile behavior.
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Notations and symbols

Uppercase letters

Eo = Asymptotic Modulus of Elasticity of the creep compliance function
Ec = Modulus of Elasticity

Er = Modulus of Elasticity at high temperature

Eq = Dynamic Modulus of Elasticity

Esec = Secant Modulus of Elasticity

Fsp = Splitting force

Gt = Fracture Energy

J = Creep compliance function

Jurs = LITS compliance function

Jutstc = thermo-chemical LITS compliance function
Jutstm = thermomechanical LITS compliance function

JuTs.agg = compliance function related to the contribution of aggregate geomechanical properties decay
to LITS

Jutsmat = compliance function related to the contribution of matrix thermomechanical properties decay
to LITS

Jurspe = compliance function related to the effect of the boundary condition on concrete
LITS = Load induced thermal strain

LITSt = LITS thermo-chemical strain which includes the contribution of matrix performance on
temperature

LITSt = LITS thermomechanical strain which includes the contribution of aggregates performance on
temperature and concrete thermal expansion restraint

LITSagg = LITS strain related to the contribution of aggregate geomechanical properties decay
LITSmat = LITS strain related to the contribution of matrix thermomechanical properties decay

LITSwe = LITS strain related to the contribution of the effect of the boundary condition on the specimen
(thermal expansion restraint)

Lowercase letters

fe= characteristic concrete cylinder compressive strength

ft= characteristic concrete tensile strength

fi(T) = characteristic concrete tensile strength at high temperature

fe(T) = characteristic concrete compressive strength at high temperature
fem = mean concrete cylinder compressive strength

fetm = mean concrete tensile strength

fr1= flexural strength

fres= characteristic tensile residual strength at SLS (w=0.5 mm)
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frew= Characteristic tensile residual strength at ULS (w=2.5 mm)
fr1.k= FRC post-cracking strength for a CMOD equal to 0.50mm
frsk= FRC post-cracking strength for a CMOD equal to 2.50mm
Ies = characteristic structural length

gim = LITS semi-empirical thermomechanical function

gtc = LITS semi-empirical thermo-chemical function

Qagg = LITS semi-empirical aggregate function

gmat= LITS semi-empirical matrix function

grc = LITS semi-empirical function related to the thermal expansion restraint
ttc = transitional thermal creep

Vel= ultrasonic wave velocity

w/c = water-cement ratio

Greek letters

a = coefficient of concrete thermal expansion

Btm =LITS semi-empirical thermomechanical parameter

Btc =LITS semi-empirical thermo-chemical parameter

& = concrete compressive strain

&T= concrete compressive strain at high temperature

&1 = strain at ultimate stress in uniaxial compression

&1,6= strain at ultimate stress in uniaxial compression at high temperature
&ut,0=ultimate strain at high temperature

eI'= reversible thermal strain

CT_W= irreversible thermal strain

elt= reversible mechanical strain
e .= irreversible mechanical strain

cirr™

&

&° = total strain

£° = elastic strain

&b¢ = basic creep

£ = creep strain

£% = drying creep

&5 = shrinkage

e" = free thermal strain

&' = transient creep

gfc = transitional thermal creep
@ = creep coefficient

p = concrete specific weight
v = Poisson ratio

n = viscosity parameter
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CHAPTER

Introduction

1.1 The engineering problem

Transient creep is developed in concrete structures subjected to fire, leading to large
and irrecoverable deformations. It is especially important in reactor pressure vessels,
tunnels, tall buildings and bridges. High deformations imposed by transient creep
strains during fire on concrete columns submitted to high load levels can cause the
failure. Tunnel line segments can be subjected to large stresses, especially on the
joints as a result of large concrete transient creep strains, which can lead to premature
failure. Reactor pressure vessels can have the service-life reduced due to
microcracking or crack propagation. In prestressed concrete structures, large strains
can lead to steel relaxation and the loss of prestress. This phenomenon is especially
important in prestressed bridge deck, piers and girders.

Fiber incorporation in the concrete mix can contribute to reduce concrete damage
during fire. In the case of transient creep, few researches were carried out in
polypropylene (PP) fiber reinforced concrete. PP fibers, on one hand, contributes to
control the spalling effect, but, on the other hand, increases transient creep strains due
to the increase in concrete porosity resulted from fibers melting and burn. Steel fibers,
instead, could be adopted as a solution to provide a reduction of concrete damage
during fire and also reduce transient creep values in tension. However, no research on
transient creep with this material has been performed yet. It is worth mentioning that,
in the case of tunnels, steel fibers could be used to prevent or delay the failure of the
concrete segment lines, helping to increase the safety. In reactor pressure vessels,
fibers could increase the structural service life.

The prediction of transient creep involves a lot of uncertainties due to its complex
mechanisms of activation. Transient creep is seated in the cement paste and occurs
due to water evaporation (drying creep) and CSH dehydration. Above 400°C, transient
creep is accelerated by the aggregate geomechanical properties decay. There is also
a thermal mismatch between aggregate expansion and cement paste shrinkage after
150°C, leading to concrete microcracking. Design specifications of transient creep are
still needed. For example, Eurocode 2 [1] considers transient creep effects implicit in
the model formulation. The available models described in literature are based on an
empirical approach and are fitted by taking into account relatively few experimental
test results.



1.2 Transient creep in concrete structures

Concrete structures exposed to high temperatures are submitted to a complex hydro-
physical-chemical transformation. In this situation, creep plays a vital role in concrete
mechanical behavior. In normal conditions, at room temperature, creep is developed
due to a mechanical process (sustained load) in the concrete matrix. It occurs at the
cement paste level, as function of the internal moisture condition, and has an aging
and a non-aging component. The former is a result of concrete hydration and the latter
is due to the continuous self-equilibrium of micro-stresses Bazant et al [2] in the nano-
porous microstructure of CSH (Calcium-Silicate-Hydrate). At high temperatures this
process is accelerated due to concrete drying and dehydration, leading to higher
deformations.

According to Sabeur et al [3], there are two different types of strain components at high
temperature. One is the hygro-thermal strain, a stress free component, resulted from
material thermal expansion at aggregate level and hygral shrinkage at the cement
paste level, which occurs due to both concrete drying and dehydration. The other is
the thermal-creep strain, a stress induced component, resulted from physical and
chemical transformations which leads to a rearrangement of the concrete
microstructure.

It is important to say that creep, at high temperature, can be divided into two main
components, i.e.: basic creep, which occurs at constant temperature and after all
concrete physical-chemical reactions have taken place; and transient creep, which is
developed during heating. Transient creep encompasses drying creep, resulted from
free water loss, and dehydration creep, which occurs due to physically and chemically
bound water loss in the CSH layers. Above 400°C, the aggregates start to play an
important role due to thermochemical changes in their microstructure, leading to higher
transient creep strains. Transitional thermal creep (itc) is commonly defined as
dehydration creep and includes the effect of the aggregates.

Drying creep, according to Benboudjema et al [4], corresponds to the additional strain
observed when concrete is stressed together with a change in the internal moisture
state. Its asymptotic value is reached at 110°C, as shown in Figure 1, and is a result
of evaporable free water loss, generated by fluid transport due to internal pore-
pressure differentials.

According to Sabeur et al [5], dehydration is the driving process of transitional thermal
creep (ttc), which occurs beyond 110°C, due to the loss of CSH adjoined and bound
water (CSH dehydration). Moreover, as shown in Figure 2, ttc is quasi-instantaneous.
Using a thermo-gravimetric analysis (TGA), Sabeur et al [5] observed that concrete
mass loss continued after the attainment of the established temperature level,
confirming that dehydration is a process which needs time to occur.
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Figure 1 — Drying creep evolution as function of Figure 2 — Transient creep evolution with temperature [5].

temperature.

It is important to underline that transient creep strains are coupled with other
thermomechanical strain components and, thus cannot be directly measured in
laboratory. The experimental procedure is carried out in two distinct phases with
constant heating rate. The first test is developed without load to measure concrete
thermal strains. Another identical test applying a constant load is performed to
measure the total strain. The difference between the two strain values, disregarding
the initial elastic deformation computed at room temperature, defines the so called
LITS (Load Induced Thermal Strain), which is the sum of transient creep and
thermomechanical strain components.

1.3 Thesis objectives

In order to analyze creep behavior at high temperature, steel fiber high-strength
concrete (SFHSC) beams from Colombo [6], cast in 2005, were used.

A new LITS semi-empirical model is proposed, recognizing concrete as a
heterogeneous biphasic material (aggregates and matrix). The model is based on two
variables dependent respectively on the aggregate volume and the cement content
and on two compliance functions dependent on the temperature. The compliance
functions correspond to concrete thermomechanical (matrix damage, aggregate
degradation and thermal expansion restraint due to the applied load) and
thermochemical (concrete drying and dehydration) properties evolution during heating.

In order to derive the new LITS semi-empirical model, an analysis of transient creep
fundamental aspects is developed. Transient creep physical-chemo-mechanical
properties are detailed. Experimental results from literature are compiled, including
several types of concrete (NSC, HSC, SCC, UHPC) with different ages (from 3 months
to 5 years), moisture conditions (saturated, dried, cured at room conditions), aggregate
types (siliceous, calcareous, basalt and recycled), heating rates and load levels. The
semi-empirical LITS model is compared with experimental results obtained from
literature and with other empirical models, demonstrating its reliability.

The mechanical characterization of the material was carried out in order to observe the
change in material mechanical properties, especially the residual post-cracking tensile
strength due to long-term aging. For this purpose, flexural tests together with indirect
tensile tests by means of Double Edge Wedge Splitting (DEWS) procedure were
developed.



The results of four-point bending (4PB) tests of 1-year-old beams from Colombo [6]
are presented and a comparison between the mean values of 4PB tests considering
1-year-old and 10-year-old specimens are shown, demonstrating a pronounced
increase in the peak and in the serviceability limit state (SLS) residual strengths,
followed by a relatively small increase in the ultimate limit state (ULS) residual strength.
The material classification according to fib Model Code 2010 of 1-year-old and 10-
year-old specimens is carried out. The objective is to observe possible changes in the
material class through the years. The tensile constitutive law is obtained according to
the fib Model Code 2010 and a plane section (PS) prediction in bending is performed
taking into account the constitutive law of the material. The values are compared with
the results of the bending tests, showing the reliability of the PS analysis and the
effectiveness of the back analysis method to identify FRC tensile post-peak response.

The numerical analyses were developed using a 2D three-phase mesoscopic model
in the finite element software Abaqus. A parametric analysis was carried out in order
to validate the numerical model and observe its sensitivity due to different aggregate
distributions and variations on the mechanical properties of the concrete phases
(matrix, inclusions and interfacial transition zone). The path dependence was analyzed
on preloaded and preheated specimens in order to observe the effects of the boundary
conditions on LITS. In order to better understand the different sources of transient
creep strains, LITS was uncoupled taking into account the performance of the matrix
at high temperature (LITSmatrix), the aggregate geomechanical properties decay as
function of the temperature increase (LITSager) and the effects of the boundary
conditions on concrete (LITSec). The results demonstrated that concrete thermal
expansion restraint imposed by the sustained compressive load plays a very important
role both on LITS. A comparison between the numerical results and the semi-empirical
LITS model proposed was also carried out.

The hot tests were carried out using an electric oven in preloaded and pre-heated
cylindrical specimens. The experimental results are compared with the LITS semi-
empirical model proposed in the thesis. A prediction of creep at high temperature on
pre-heated specimens (basic creep) is performed by introducing in a Kelvin-Voigt
model a temperature adjusted parameter that takes into account the effect of high
temperature on creep. The path dependence is analyzed by comparing the
experimental results obtained from preloaded and pre-heated specimens. The
difference between the two results can be attributed to the effect of the boundary
conditions on concrete. A comparison between LITSw: power function derived in the
numerical investigation and the experimental results is carried out. A prediction of
creep at high temperature on preloaded specimens (LITS during heating and basic
creep at constant temperature) is developed both by means of the proposed LITS
semi-empirical model and by introducing the effect of the boundary conditions (LITSkc)
in the adapted Kelvin-Voigt model.

1.4 Organization of the thesis

The thesis is divided in nine chapters. Chapter 1 presents an introduction to the
subject, which includes the engineering problem, transient creep aspects in concrete
structures and the main topics analyzed during the PhD program.

Chapter two describes the state of the art in concrete structures subjected to fire,
including creep behavior at room and high temperatures.



Chapter three details the formulation of the proposed LITS semi-empirical model and
the validation of the model with other experimental tests.

Chapter four presents the whole PhD program, describing the thesis objectives and
main contributions.

Chapter five shows the results of the steel fiber reinforced concrete mechanical
characterization and long-term aging effects on the material by comparing the
experimental results in bending and in tension of specimens with 1-year-old and 10-
years-old.

Chapter six presents the 2D three-phase mesoscopic modeling and the numerical
results.

Chapter seven describes the experimental results of creep at high temperature in
preloaded and pre-heated specimens.

Chapter eight discusses the experimental results obtained from the creep tests at high
temperature.

Chapter nine presents the main conclusions and provides future perspectives for
further analyses.
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CHAPTER

State of the art

2.1 Concrete Properties at High Temperatures

Concrete exposed to high temperatures are prone to chemical and physical
transformations. In microscopic scale, concrete is subjected to drying, dehydration and
pore-pressure build-up. In mesoscopic level strain incompatibilities between the
aggregate expansion and the cement paste shrinkage are developed. At the
macroscopic level, concrete is susceptible to thermal expansion, cracking formation
and spalling activation. These thermo-hydro-chemical phenomena are responsible for
concrete damage and degradation and are influenced by the temperature history
(previous fire exposure, maximum temperature reached, heating rate). The type of load
applied (compression, tension, bending) during heating influences concrete creep
behavior, which is accelerated at high temperatures.

According to Kim et al [7], during the heating process, concrete thermal mismatch
starts around 110°C. In general, until 90°C, both cement paste and aggregate are in
expansion. However, at 110°C the cement paste starts to shrink, while the aggregate
continues to expand. At this temperature level, concrete dries out due to free water
evaporation.

Between 300°C and 600°C, aggregates start disintegration depending on their physical
constituents. Portlandite (Ca(OH)2), a cement paste constituent which composes about
20% of the mass of the hydrated cement, and calcite (CaCOs3), the basic constituent of
limestone aggregate, are decomposed into lime (CaO), as shown respectively in Eq. 1
and Eq. 2. The thermal decomposition of calcium carbonate (CaCOs) above 500°C
releases carbon dioxide (de-carbonation), generating calcium oxide.

Ca(OH), & Ca0 + H,0 (1)
CaC0O3 & Ca0 + CO, (2)

Further concrete rehydration, during the cooling phase, leads to CaO greatly
expansion due to its reaction with water, producing Ca(OH)2 and causing concrete
cracking and crumbling. Free calcium materials, such as aluminate and siliceous
(pozzolana) cement based ones, contribute to reduce this problem. For example,
pozzolana slow chemical reaction with water controls heat rate release and
temperature inside the structure during early age hydration.

Among all thermochemical reactions, calcium-silicate-hydrate (CSH) chemistry is very
important to understand concrete physical microstructure properties evolution during



heating and cooling, since it occupies around 50% of the cement paste volume.
According to Allen et al [8], concrete behavior is largely related to the CSH gel
viscoelastic response to the load stress level (creep) and relative humidity changes
(drying shrinkage). This, according to Bazant et al [2], is due the fact that creep is
directly related to the long-term relaxation of self-equilibrated micro-stresses in the
CSH nano-porous microstructure.

CSH is formed due to the expansion reaction of both cement constituent minerals
larnite (C2S) and alite (C3S) in contact with water (concrete aging). This expansion is
not followed by concrete volume change and, as a result, causes a reduction in the
capillary pore system and in the concrete permeability. The interconnected gel creates
a continuous phase, isolating free water within its nanostructure interlayer. Moreover,
CSH strong Van der Wallls force leads to high water adsorption on its surface, as shown
in Figure 3.
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Figure 3 — CSH gel microstructure overview [8].

It is worth mentioning that larnite has low reactivity and is responsible for concrete late
strength, while alite is highly reactive, being responsible for concrete early strength.
Their chemical reactions with water produce CSH and portlandite, as shown in Eq. 3
and Eq. 4.

2€a;SI05 + 6H,0 — 3Ca0 - 25i0, - 3H,0 + 3Ca(OH), (4)

According to Alonso and Fernandez [9], concrete drying due to heating up to 250°C,
removes most of the CSH physically bound water (dehydrated CSH), as shown in Eq.
5. Above 200°C, CSH is progressively decomposed into new calcium silicates (C2S
and C3S), as shown in Eqg. 6, releasing the chemically bound water and reducing
concrete binding properties. Beyond 750°C, there is a complete disintegration of the
CSH gel.

CSHdehydrated = (€a0),Si0,(H,0), = (€Ca0),Si0,(H,0)p— ()
CSHdissolution = (Cao)aSiOZ (HZO)b - :B(CaO)SiOZ + HZO (6)



Hence, concrete thermochemical transformations during heating are directly related to
dehydration due to the loss of physically and chemically bound water. Figure 4 shows
a thermal gravimetric analysis (TGA) of NSC cubic specimens from Arioz [10]
experiment, where three endothermic peaks can be observed. The first one is at
114°C, as a result of the cement paste dehydration due to physically bound water loss.
The second peak occurs at 490°C originated from the calcium hydroxide dissociation
peak. And the third peak, at 743°C, can be related to the second step of CSH gel
dehydration and its complete dissociation.
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Figure 4 — Thermo-gravimetric analysis of NSC [10].

Analyzing concrete radial temperature differences, Khoury et al [11] observed two peak
values due to specimen’s drying and dehydration: The first one at 160°C, due to
moisture loss, and the other at 550°C, as a result of the Ca(OH)2 dissociation.

Thermal stresses effects, according to Khoury et al [11], can be limited both by
reducing the heating rate, which produces lower residual stresses at the surface layer,
and the cylindrical specimen’s radius, which reduces radial temperature differentials.
And very low stresses produces a balance between concrete expansion and bowing
effects. In laterally restrained members that are free to rotate, there is a bowing
dominance in respect to concrete expansion.

Doubling the heating rate doubles the thermal gradient magnitude. In turn, a slow
heating rate increases free water loss (Khoury et al, [11]).

In RC beams subjected to fire, the catenary action (tensile membrane action)
counterbalances the flexural stiffness depletion.

Thermal strains, as stated by Thienel and Rhostasy [12], are largely dependent on the
type and quantity of aggregates, as shown in Figure 5.
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Figure 5 — Aggregate effect on concrete thermal strains [12].

Concrete hydration can be enhanced by curing in autoclave at a constant temperature
of 180°C. This technique is adopted for precast elements to guarantee better concrete
stability against creep and shrinkage.

Water-cement (w/c) ratio plays an important role on concrete thermal and mechanical
properties. For example, an increase in the modulus of elasticity (stiffness) is observed
in correspondence to a decrease in the w/c ratio. Moreover, concrete thermal
expansion is inversely proportional to the moisture content.

In relation to concrete structural behavior, Giaccio and Zerbino [13] affirm that a
concrete structure heated under a sustained compressive load is less affected in
relation to structures submitted to tensile or flexural loading, since the last ones are
more prone to cracking.

According to Kim et al [14], compressive strength of preloaded specimens slowly
decreases because crack is reduced by the restrained effects of preloading.

2.1.1 Fracture Energy

Fracture energy is defined as the energy required to open a unit area of crack surface
and is determined by calculating the area under the load vs. deflection curve. The
contribution of the structure’s own weight is directly related to the area under the tail of
the curve. Specifications to determine fracture energy of mortar and concrete
structures can be found on RILEM 50-FMC [15].

According to Nielsen and Bicanic [16], until approximately 300°C, an increase in the
release of fracture energy is observed, from which point a progressive decrease begins
due to the excessive concrete thermal damage, as shown in Figure 6. One plausible
explanation for fracture energy increase (up to 50% between 300°C and 400°C),
according to Nielsen and Bicanic [16], is the tortuous cracking propagation which
follows aggregates contour.
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Bamonte and Gambarova [17] found, for self-compacting concrete (SCC), a smaller
increase in the fracture energy as function of temperature in relation to vibrated
concrete, as shown in Figure 7.
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Figure 7 — Residual fracture energy as function of temperature for SCC and others results for ordinary concrete [17].

In Peng et al [18] experiments, after heating, fracture energy values in FRC specimens
were much higher in comparison to plain concrete. Peng et al [18] attribute the results
to both fibers pull-out mechanism triggered during the fracturing process and
aggregate interlock, which, for plain concrete, is the sole resisting mechanism.

Nielsen et al [16] demonstrated that specimens cured in autoclave, at 105°C,
presented a higher fracture energy in relation to specimens cured at room temperature.
Yu et al [19] draw attention to the lack of available literature regarding fracture energy
parameters, which are very important to structural and numerical analyzes in post-fire

situations.
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2.1.2 Cooling and Recurring

Water cooling at room temperature creates a denser microstructure compared to air
curing, in part due to concrete rehydration, and also produces slightly lower residual
stresses.

According to Reis et al [20], there is a partial recovery of concrete strength during the
cooling phase, which can increase up to 20% for a maximum heating between 500°C
and 600°C, as shown in Figure 8.

'mTHm.l:t:l

Figure 8 — Normalized concrete strength at high temperature [20].

According to Poon et al [21], concrete strength and durability recovery depend on the
type of aggregate, time of heat exposure, the recovery method and its duration. In
Poon et al [21] experiments, the best recovery was obtained with slag concrete with
fire brick aggregates at 500°C exposure. In this case, according to Poon et al [21],
there was a recovery up to 90% after a 90-day curing.

As stated by Yu et al [19], most of the rehydration process occurs during the first seven
days. During this period, voids are filled by hydrated cement grains and calcium oxide
components. Rehydration forms long irregular fibers of CSH gel mingled with etringite
and CH crystals.

Figure 9 shows concrete morphology beyond 800°C heating-cooling cycle followed by
water curing.

Figure 9 — Concrete morphology above a 800°C thermal cycle with water curing for 7 days and 28 days [21].

According to Yu et al [19], concrete recovery is applicable to structures with moderate
damage. A higher residual strength and durability is achieved with a 600°C heating in
comparison with a concrete heated up to 800°C. Yu et al [19] also state that water
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curing is better and faster than air cooling. Moreover, HSC presents better recovery
than NSC due to its denser microstructure which helps to fill in concrete cavities.

Regarding crack opening, Yu et al [19] observed that in most of the cylindrical
specimens analyzed, after a recovery period of 56 days, surface crack widths were
within the maximum limit allowed by design codes.

2.1.3 Pore-pressure and transport phenomenon

Thermo-hygral process describing the flow of a fluid in a porous medium can be
expressed both by Darcy’s Law concept of pressure gradient and by Fick’s Law
concept of diffusion and molar concentration.

As stated by Mindeguia et al [22], concrete capillary pore-pressure affects vaporization
process in such a way that the smaller the pore radius, the higher the vaporization
temperature. In addition, as shown Figure 10, pore-pressure changes due to pore
diameter. On one hand, for very large pores no pressurization process takes place and
free water evaporates at 100°C. On the other hand, small pores exhibit high values of
capillary forces in which higher temperatures are needed to extract vapor molecules
from liquid water.

2 None capillary forces
Infinite flat surface —— g
_— Vaporization takes place at 100°C
Capillarity force (Very large pores)

\L High values of capillary forces
High temperature is needed to extract
Influences the vapour molecules from liquid water
vaporization process

|

The smaller the pore
radius the higher the
vaporization temperature

Very smallpores ——»

Figure 10 — Capillarity pressure in concrete.

According to Neville [23], the load applied on unsealed specimens, per se, causes only
negligible loss of water (< 3%). And Bazant [24] states that pore humidity increase due
to load application on sealed specimens is negligible.

Figure 11 shows concrete pore-pressure evolution under different temperature stages.
At 105°C vaporization process starts combined with pore-pressure increase, resulting
in free water loss. High values of pore-pressure are achieved at 180°C, from which
point a progressive decline is observed. From 220°C, a drastic pore-pressure reduction
takes place.
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Figure 11 — Concrete capillarity pore pressure evolution according to temperature increase.

Phan [25] analyzed concrete pore-pressure evolution as function of temperature at two
different sections, respectively at 25 mm (black line) and at 50 mm (blue line) from
specimen’s surface, as shown in Figure 12. The results demonstrated that pore-
pressure decreases with specimen’s depth.
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Figure 12 — Pore-pressure as function of the temperature at 25 mm and 50 mm from surface [25].

Van der Heijden et al [26] draw attention to the lack of experimental information about
concrete pore-pressure and fluid transport mechanisms, which are directly related to
spalling. According to Zeiml et al [27], fluids moving to the inner parts are condensed,
creating a region with high water content (saturated zone) which imposes a barrier to
the natural fluid flow (moisture clog). As a result, there is an increase in pore-pressure
near the concrete surface which pushes the liquid water out of the specimen, causing
water exudation. Due to the pore-pressure increase near the surface, violent spalling
could occur.

Fu and Li [28], as shown in Figure 13, analyzed concrete pore-pressure behavior
during a thermal treatment. Firstly, pore-pressure builds-up near the specimen’s
surface, inducing water vapor flow to concrete inner parts, which creates a saturated
region as water vapor condenses. With time, there is a complete dehydration of
concrete external surface, causing a fluid continuous flow (liquid and vapor) to concrete
inner core.
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Figure 13 — Pore-pressure mechanism resulted from fluid condensation and development of a saturated zone [28].
2.1.4 Constitutive damage models

Many authors have developed and improved constitutive damage models for concrete
structures submitted to high temperatures. Bendoudjema et al [4] describe a
constitutive model for cracking based on an orthotropic elastic-plastic damage model
considering drying shrinkage, basic creep and drying creep coupling. Sabeur and
Meftah [3] propose a fully coupled thermo-hygro-mechanical model.

It is important to mention HITECO (High Temperature Concrete) research program
which involved a large number of researchers to investigate and improve the
knowledge of high performance concrete (HPC) and ultra-high performance concrete
(UHPC) at high temperatures. As a result, a fully coupled non-linear thermo-hygro-
mechanical model was developed within the software named HITECOSP (High
Temperature Concrete Spalling).

Sa and Bendoudjema [29] compared two thermomechanical damage models (elastic-
isotropic and orthotropic elastic-plastic) considering smeared crack approach.
According to Sa and Bendoudjema [29], in order to predict the complex behavior of
concrete mechanical properties due to both temperature and mechanical loading, three
different numerical approaches can be adopted: (i) a thermo-hygro-chemo-mechanical
coupling approach, involving many material parameters; (ii) a thermo-mechanical
approach, assuming concrete as a homogenous material and focusing on the type of
mechanical model adopted (isotropic, orthotropic, inelastic strains, etc.); (iii) and, a
mesoscopic model, which recognizes concrete as a heterogeneous material and is
able to give information about the complex phenomenon of micro and macro cracking
development during heating.

Sa and Benboudjema [29] affirm that in order to obtain a better microcracking
prediction of concrete mechanical properties one must consider strain incompatibilities
at the aggregate-cement paste interface. Added to this, for a high level of temperature
increase, one must include mass transfer mechanisms to the model.

Fu and Li [28] state that thermal cracking process cannot be numerically modeled
without considering concrete heterogeneity and the introduction of a
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thermomechanical damage model at mesoscopic level. In addition, spalling process
cannot be tested numerically without considering the effects of thermal cracks.

In spite of all recent advances, Fu and Li [28] affirm that, until today, no convenient
experimental method is available for obtaining the stress field during the progressive
failure process.

2.1.5 The role of fibers

Lau and Anson [30] observed that, for temperatures below 400°C, concrete strength
decrease is relatively small. In general, independently of the temperature and the
mixture process, until 800°C, fibers were responsible for an increase of concrete
strength between 5% and 15%. According to Lau and Anson [30], steel fibers
prevented microcracking growth due to shrinkage and the applied load and provided
higher tensile capacity. In addition, steel fibers contributed to reduce concrete porosity
and pore diameter. Finally, Lau and Anson [30] did not observe the occurrence of
violent spalling, suggesting as one plausible reason the low rate of temperature
increase during the experimental tests.

According to Peng et al [18], FRC has more fracture energy, especially SFRC.
Moreover, steel fibers can benefit and help concrete overcome vapor pressure build-
up at high temperatures and, thus, prevent violent spalling. Chan et al [31] affirm that,
until a certain limit, concrete degradation can be reduced by steel fibers addition.

Due to Biolzi et al [32] polypropylene (PP) fibers led to a small decrease of concrete
mass.

In relation to pore-pressure, Kalifa et al [33] observed that PP fibers greatly contribute
to pore-pressure reduction. The main reason is the premature fibers melt, as shown in
Figure 14, which creates a dense network of channels, favoring fluid transport inside
concrete.

PP fiber diameter, according to Heo et al [34], has a small influence in pore-pressure
reduction and spalling prevention, since the latter depends more on the channels
extent and connectivity created by fibers melt.

Figure 14 — Microscopic image of internal concrete channels created by fibers melt [27].
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Figure 15 shows three distinct mass loss peaks in function of temperature increase.
The first one is owed to PP fibers melt at 171°C. The second one is due to fibers
vaporizing at 341°C and the third one is a result of fibers burn at 457°C.
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Figure 15 — Pore-pressure build up mechanism due to water vapor condensation [33].

PP fibers also contribute to an increase of concrete permeability. According to Kalifa
et al [33], this contribution is higher at 200°C than at 400°C. Fibers contribution to fluid
transport is also reduced at 400°C as a result of concrete damage evolution due to the
increase of porosity and microcracking expansion.

Biolzi et al [32] state that FRC exhibits a microcracking pattern much denser in relation
to plain concrete.

Bilodeau et al [35] affirm that 12.5 mm PP fibers are significantly more efficient than
20 mm fibers to prevent spalling.

Heo et al [34] conclude that fiber quantity per concrete unit volume (n°/m3) is more
meaningful than the commonly adopted fiber weight per unit volume (kg/m3).

2.1.6 Rheological models

Concrete mechanical behavior is characterized by a visco-elastic-plastic behavior. The
elastic component is related to the recoverable instantaneous elastic strain (stress-
strain relation) and the plastic component is related to the irrecoverable strain
component.

One simple rheological model is the spring-dashpot analogy (visco-elasticity), in which
the spring is equivalent to the stored energy in the system and the elastic behavior,
and the dashpot is associated with the slow deformation (time-dependent creep strain)
due to the energy release over time.

The behavior of concrete, considering its visco-elastic phase, can be represented by a
combined model of a spring (elastic-linear component) and a dashpot (viscous
component). Two simple linear rheological models describing this behavior are
respectively the Maxwell and the Kelvin chains. The former connects linear viscous
and elastic elements in series, while the latter connects in parallel, as shown in Figure
16.
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Figure 16 — Viscoelastic models.

Basic creep law is defined in Maxwell model by a linear evolution of strains Eq. 7),
while in Kelvin model, creep evolution is defined by an exponential evolution law ( Eq.
8).

g 0
S(t):E-F?—?t (7)

e(t) = %(1 - e‘E_nt> (8)

According to Bazant [24], both Maxwell and Kelvin chains can represent the material
as closely as desired, though the identification of material parameters from test data is
simpler in Maxwell model.

Bazant et al [36] formulates a generalized creep law based on the microprestress-
solidification theory (detailed in the next chapter), as shown in Figure 17 and described
in Eq. 9, which includes recoverable elastic and irrecoverable inelastic strains (plastic
and cracking), thermal strains, shrinkage and concrete viscous-elastic behavior. As
stated by Bazant [24], for a good description of creep data, one must consider two
distinct solidification processes, i.e., one viscoelastic strain (time-dependent) and one
flow strain, which is dependent only on the applied load.

e=cl+ev+ef +eT et 4T (9)

where e!= instantaneous strain, £¥= viscoelastic strain, /= purely viscous strain, £ =
inelastic strain due to cracking, e"=shrinkage, "= thermal strain.
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Figure 17 — Generalized concrete rheological model [36].

2.1.7 Thermal expansion

Concrete thermal expansion is the result of aggregates and cement paste volume
changes. Typical values for portland cement concrete are shown in Table 1. A
correlation between aggregate and concrete thermal expansion is shown in Figure 18.

Table 1 — Coefficient of thermal expansion [37]

10-6/°C
Aggregate
Granite 7-9
Basalt 6-8
Limestone 6
Dolomite 7-10
Sandstone 11-12
Quartzite 11-13
Marble 4-7
Cement paste
w/c=04 18-20
w/c=0.5 18-20
w/c =0.6 18-20
Concrete 7.4-13
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Figure 18 — Correlation between aggregates and concrete thermal expansion [38].

At high temperatures (T>110°C), concrete thermal mismatch is developed due to
aggregates expansion and cement paste shrinkage. Between 200°C and 600°C, a
rapid increase of the thermal expansion coefficient occurs due to aggregates
transformation, as one can observe from Figure 19.

2.0

Linear expansion (%)

200 400 600 800 1000 1200
Temperature (°C)

Figure 19 — Linear thermal expansion of concretes made various conventional aggregates in function of temperature:
(a) quartzite; (b) sandstone; (c) limestone; (d) basalt; (e) expanded slag [38].

The addition of steel fibers changes concrete behavior, as shown in Figure 20, leading
to a lower thermal expansion in relation to plain concrete up to 800°C, when SFRC
thermal expansion shows higher values.
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Figure 20 — Thermal expansion of two types of concrete (with and without steel fibers) as function of temperature [39].

In case of HSC, as reported by Kodur and Khaliq [40], fibers incorporation resulted in
a lower thermal expansion, as shown in Figure 21. Specimens with hybrid fibers
showed a very similar behavior compared to plain concrete, while the incorporation of
PP fibers presented the lowest results.
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Thermal expansion (%)
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2 o @

0 200 400 600 800 1000
Temperature (°C)
Figure 21 — Effect of fibers on HSC thermal expansion [40].

Experimental results from Hager [41] on two different high performance concrete
cylindrical specimens demonstrated that most of the thermal expansion developed
during heating is irrecoverable after a complete thermal cycle up to 600°C, as one can
observe in Figure 22.
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Figure 22 — Concrete thermal cycle up to 600°C for two high performance concrete specimens [41].

Eurocode 2 [1] provides analytical equations to determine concrete thermal strains as
function of temperature for concretes with siliceous and calcareous aggregates. A
comparison of concrete thermal expansion using Eurocode 2 [1] and Schneider [42]
results is presented in Kodur and Khalig [40], as shown in Figure 23.
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Figure 23 — Concrete thermal expansion for siliceous and calcareous aggregates [1].

It is worth mentioning that tabulated values from the literature should be adopted with
precaution since they could lead to erroneous predictions of concrete structural
behavior. Ellobody and Bailey [43] numerical and experimental modeling of post-
tensioned concrete slabs under fire demonstrated that the coefficients of thermal
expansion predicted in Eurocode 2 [1] for calcareous and siliceous concrete are
inaccurate, while measured values presented in the literature have provided more
accurate numbers.
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2.1.8 Thermal conductivity

The coefficient of thermal conductivity depends on the aggregate and reinforcement
types, moisture content, porosity and temperature.

Kahn [44] experimental investigation on both mortar and concrete thermal conductivity
in dry and saturated specimens is shown in Figure 24.

Type of concrete Thermal conductivity (W/mK)

Sand type I Sand type II

Dry  Fully saturated Dry  Fully saturated

Mortar 190 2.65 1.37 195
Basalt concrete 226  3.52 1.97 3.24
Limestone concrete 2.03 292 1.60 2.71
Siltstone concrete 221 3.61 1.91 290
Quartzite concrete  2.77 4.18 229 349

Figure 24 — Concrete and mortar thermal conductivity in dry and fully saturated states [44].

Eurocode 2 [1] establishes analytical equations to determine the upper and lower limits
of concrete thermal conductivity for a temperature range between 20°C and 1200°C.
Different results of thermal conductivity evolution with the temperature for NSC are
shown in Figure 25, as presented in Kodur and Khaliq [40].
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Figure 25 — Concrete thermal conductivity [40].

Kodur and Khaliq [40] analyzed, among others, the effect of steel, PP and hybrid fibers
on the thermal properties of HSC. As shown in Figure 26, fibers addition does not
change significantly concrete thermal conductivity up to 600°C, from which point they
present a small effect on HSC thermal conductivity. This small influence, according to
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Kodur and Khaliq [40], can be attributed to CSH dehydration and the contribution of
the higher thermal conductivity of steel fibers in the concrete mix.
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Figure 26 — Effect of fibers on thermal conductivity of HSC as function of temperature [40].

2.1.9 Specific heat

Specific heat depends on the temperature, moisture content, aggregate type and
density. Eurocode 2 [1] provides analytical equations to determine the specific heat of
concrete with calcareous and siliceous aggregates, in which the moisture content is
implicit in the formulations. Kodur et al [40] compared the results in literature of NSC
specific heat predictions, as shown in Figure 27.
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Figure 27 — NSC specific heat as function of temperature [40].

According to Kodur and Khaliq [40], the specific heat of HSC is affected by physical-
chemical processes that are developed in the cement paste and aggregates above
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600°C. At this level, an enormous amount of energy is required to raise the temperature
of the carbonate aggregate concrete.

The addition of fibers on HSC, according to Kodur and Khaliq [40], has a marginal
effect on HSC specific heat up to 400°C, as show in Figure 28. The reduction of the
specific heat of HSC reinforced with PP fibers above 600°C is due to polypropylene
decomposition (melt and burn) which increases concrete porosity.
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Figure 28 - Fibers effects on HSC specific heat [40].

2.1.10 Modulus of Elasticity

Due to thermal damage, concrete experiences a strength decay and a reduction in the
Modulus of Elasticity (softening behavior). Comparing different experimental results
and analytical models available in literature, Youssef and Meftah [45] observed a large
scatter in the experimental results. Despite that, according to Youssef and Meftah [45],
all predicted models for unloaded concrete demonstrated acceptable accuracy, as
shown in Figure 29.
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Figure 29 — Comparison of analytical models of unloaded concrete normalized Modulus of Elasticity as function of
temperature [45].

Some authors provide analytical equations to account for the effect of preloading in
concrete. Youssef and Meftah [45] compared the results available in literature, stating
that only the models of Khenane and Baker [46], Schneider [42] and Anderberg and
Thelandersson [47] demonstrate acceptable accuracy, as shown in Figure 30.
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Figure 30 - Comparison of analytical models of preloaded concrete normalized Modulus of Elasticity as function of
temperature [45].

Colombo [6] analyzed SFRC thermal degradation by ultrasonic wave tests before and
after a complete thermal cycle of heating and cooling. In this case, the dynamic elastic
modulus exhibited a quite linear decay up to 400°C, as shown in Figure 31. Colombo
[6] attributes the difference between the results at room temperature and at 200°C to
concrete drying, which causes ultrasonic wave pulses to decelerate due to concrete
voids formation after water loss.
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Figure 31 — Normalized Dynamic Modulus of SFRC as function of temperature [6].

Bamonte and Gambarova [17] tests on SCC both at high temperature (hot-state) and
after cooling (residual), demonstrated that the residual values, up to 600°C, were
higher than the hot ones, as shown in Figure 32.
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Figure 32 —~Normalized Elastic Modulus as function of temperature [17].

Felicetti et al [48] analyzed hot and residual values of the Modulus of Elasticity in three
different types of concrete: high-strength concrete (HSC), self-compact fiber-reinforced
concrete (CRC) and reactive powder concrete (RPC). The results were similar to the
ones from Bamonte and Gambarova [17], with higher values achieved after cooling.
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Figure 33 — Hot and residual Elastic Modulus as function of temperature [48].
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2.1.11 Compressive strength

In literature, different empirical models aiming to predict concrete strength at high
temperatures are available. Some of them are based on unloaded specimens, while
others take into account an initial sustained compressive stress applied before heating.
In turn, Eurocode 2 [1] provides tabulated data for siliceous and calcareous NSC at
temperatures ranging from 20°C to 1200°C.

It is worth mentioning Hertz [49] model ( Eq. 10), which considers the type of
aggregates and takes into account the effect of the preload by multiplying the equation
for the stress level. Hertz [49] states that concrete preloading reduces both
microcracking and the compressive strength decay at elevated temperatures. In
general, according to [49], preloaded specimens can be 25% stronger in relation to
unloaded ones for compressive stresses between 0.25 f; and 0.30 f..

| 1 ]

fer = f’cl 2 3 64|

T (T T T (10)
1+ () + (T_g) M (m) |
Siliceous aggregates: T; = 15000, T, = 800, Tg = 570, Tg, = 100000

Lightweight concrete: T; = 100000, T, = 1100, Tg = 800, T¢, = 940
Other aggregates: T; = 100000, T, = 1080, Tg = 690, Tg, = 1000

Youssef and Meftah [45] compared some models available in literature both for
unloaded and preloaded specimens, as shown respectively in Figure 34 and Figure
35.
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Figure 35 -Compressive strength models for preloaded
concrete at elevated temperatures [45].

Figure 34 - Compressive strength models for
unloaded concrete at elevated temperatures [45].

Bamonte and Gambarova [17] tests on SCC at high temperature have shown that
concrete strength measured at hot-state was in general higher than the residual values
measured after cooling. Moreover, the residual values were lower than the ones
predicted with Eurocode 2 [1].

12

12

—a— rasidual

1 —=— roesidual —=— resigual ]
1.0 [ - EE —s— hot
1 0.8
g 087 8 g, 7]
-— -— - -
- OB — o 0.6+
o 0.4 __ - 044
0.2—- 0.2

o

NS-SCC, f. = 51 MPa

HP-SCC, f, = 82 MPa

o

T T
200 400 800
temperature [°C]

T T T
200 400 00

temperature [*C]

80O

HS-SCC, f. = 90 MPa

0

T T
200 400 800
temperature [°C]

B0

Figure 36 —-Normalized compressive strength at high temperature considering hot and residual values [17].

Colombo et al [50] SFRC experimental results at different temperatures are shown in
Figure 37. From the results, it is possible to notice that from 200°C to 400°C, the
compressive strength decay as function of temperature is reduced. Moreover, after
400°C, the prediction of Eurocode 2 for plain concrete overestimates the results.
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Figure 37 — Residual normalized uniaxial compressive strength as function of temperature [50].

2.1.12 Compressive strains

Eurocode 2 [1] suggest tabulated values to determine the maximum compressive
strain (&) and the strain at maximum stress (&) for different temperatures.

Anderberg and Thelandersson [47] pointed out the considerably difference between
the mechanical behavior of loaded concrete under transient high temperature and
under steady state conditions. In this case, as stated by Anderberg and Thelandersson
[47], the compressive strains are much higher during concrete heating compared to
the ones developed at constant temperature. Therefore, Anderberg and
Thelandersson [47] formulated a constitutive law considering four strain components,
i.e., thermal strains (including drying shrinkage), instantaneous stress-related strain,
creep (constant load and temperature) and transient creep (constant load and variable
temperature).

Thermal strains, according to Anderberg and Thelandersson [47], depends on the
initial moisture content and, during heating, is a simple function of the temperature
directly given by the measured thermal expansion curve, as shown in Eqg. 11.

&n = a(T — 20°0) (11)

The instantaneous stress-related strain is function of the applied load and temperature,
being determined by the stress-strain curve. Among others, Li and Purkiss [51],
Khenane and Baker [46], Bazant and Chern [52], Terro [53] and Schneider [42] provide
analytical models to calculate & for unloaded specimens. Anderberg and
Thelandersson [47], Khenane and Baker [46] and Schneider [42] also specify models
for preloaded specimens

Creep strains in compression at high temperature (basic creep) in Anderberg and
Thelandersson [47] were measured with a load applied after temperature stabilization.
The results have shown that creep strains remained small in most of the tests
compared to concrete thermal expansion. It is worth to underline that, according to
Youssef and Meftah [45], this procedure does not capture realistically concrete
behavior under fire conditions, since structures are subjected to varying and non-linear
temperature distribution. Hence, a more appropriate strain measurement is the
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transient creep, which captures concrete behavior under constant stress state and
variable temperature. In this case, many authors propose empirical models which are
based on experimental results. For example, Anderberg and Thelandersson [47] model
is proportional both to the applied stress and the free thermal strain, while Terro [53]
model accounts for the effect of the volume fraction of aggregates.

2.1.13 Compressive stress-strain relation

Eurocode 2 [1] establishes values for siliceous and calcareous NSC strength (%),
strain at maximum stress (&:1,0)) and maximum strain (&u1,9) for a temperature range
between 20°C and 1200°C. From these three parameters, the ascending branch of the
stress-strain curve can be obtained from Eq. 12. For the descending branch, Eurocode
2 [1] allows linear (straight line) and non-linear (parabola) models.

3¢fco — )
Fe10 <2 * <5c1,9> >

Youssef and Meftah [45] compared several models available in literature and proposed
a new stress-strain relationship encompassing two analytical models, one based on
Scott et al [54] and other based on Mander et al [55]. Both models have shown good
accuracy for the ascending branch, while the former one has provided the most
accurate predictions for the descending branch at different temperature degrees. In
their model, transient creep was modeled using Anderberg and Thelandersson [47]
empirical formula and was added to the stress-strain curve by shifting the strain at
maximum stress. Figure 38 shows a comparison among Youssef and Meftah [45]
model with other authors.
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Figure 38 — Comparison of different stress-strain models considering the transient creep effect on the stress-strain
curve [45].

Felicetti and Gambarova [56], based on the experimental results of high strength
siliceous concrete at high temperature, proposed analytical relations regarding the
peak stress (Eq. 13), Elastic Modulus (Eq. 14) and strain at peak stress (Eq. 15),
where: T is the nominal temperature; Tr is the room temperature; Tu is the strength-
loss temperature; 9 is the temperature-dependent parameter (Eq. 16).

fc(T) _ 1-92 (13)
(T =20°C) 1+93

E(T)  1-9'° (14)
E,(T =20°C) 1+ 935

& (T) 1 (15)

e (T =20°C)  1- 0935
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(16)

2.1.14 Tensile strength

The research in this area is limited according to Youssef and Meftah [45]. Some
analytical models are available in literature, from which is worth mentioning Bazant and
Chern [52], Terro [53] and Eurocode 2 [1]. Figure 39 shows a comparison among some
models described in Youssef and Meftah [45].
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Figure 39 — Normalized tensile strength as function of temperature [45].

Euocode 2 [1] defines a parameter (k) to account for the effect of tensile strength
degradation (linear decay) due to the temperature up to 600°C, as shown in Figure 40.
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Figure 40 — Coefficient k. (6) allowing for tensile strength decrease at elevated temperatures [1].

Felicetti et al. [56] tests carried out on high strength concrete (HSC) and reactive
powder concrete (RPC) reinforced with steel microfibers and polymeric fibers have
shown similar results of the tensile strength measured at hot-state and after cooling
(residual). In contrast, compact fiber-reinforced concrete (CRC) residual values were
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higher in relation to the hot ones. Moreover, fiber reinforced concrete (CRC and RPC)
show a lower tensile strength decay compared to plain concrete (HSC). The results
are show in Figure 41.
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Figure 41 — Tensile strength of three different concretes at high temperature (hot and residual values) [56].
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Colombo et al [50] uniaxial tensile test results on steel fiber reinforced concrete (SFRC)
after a thermal cycle at different maximum temperatures is shown in Figure 42 in terms
of normalized values. A prediction by means of the Eurocode 2 [1] for plain concrete
shows that SFRC has a lower tensile strength decay. One important conclusion
obtained from the experimental results is that fiber pull-out mechanism of FRC is less
affected by the high temperature than the matrix of plain concrete.
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Figure 42 — Normalized tensile strength at different temperatures [50].
2.1.15 Tensile stress-strain relation

Stress-strain constitutive models in tension considering the effect of high temperature
are very limited in literature. A linear relationship is widely adopted both for concrete
pre-cracking and post-cracking behavior.

Youssef and Meftah [45] propose a model to describe uniaxial stress-strain relationship
for concrete in tension. Before cracking, a linear stress-strain relationship is assumed
and the cracking stress in direct tension is determined according to Eq. 17. Post-
cracking behavior is determined according to Eq. 18, in which Collins and Mitchell [57]
model was adapted to account for the reduction on both the tensile and bond strengths.
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2.2 Fundaments of Creep

Creep is caused by physicochemical transformations in concrete microstructure.
According to Bazant [24], creep has two basic constituents at room temperature, one
aging component, which reaches an asymptotic value after the end of the process of
hydration, and one non-aging component, which continues to increase, and is due to
long-term relaxation of self-equilibrated micro-stresses in the nano-porous
microstructure of the CSH.

Bazant [24] affirms that creep is dependent on the specimen’s size and shape. In
addition, creep properties are significant even after many years, when the amount of
cement undergoing hydration is negligible and neither the elastic modulus nor concrete
strength change appreciably.

In order to evaluate the total deformation, concrete strain components (thermal,
instantaneous and time-dependent mechanical) can be simply added by applying the
superposition principle for stresses up to 0.4-f.. According to Bazant [24], after 0.4-f,
there is a progressive non-linearity, largely irreversible, caused mainly by gradual
microcracking expansion.

At room temperature, creep has two components, basic creep and drying creep. The
former occurs in sealed specimens and the latter is developed in unsealed specimens.

Creep accelerates in drying specimens due to both simultaneous loading and rapid
heating or cooling. It is important to underline that, as temperature rises, creep
becomes more important, eventually superseding fatigue as the likely failure criterion.

At high temperature, creep can be divided in three components: (i) basic creep, which
occurs at constant temperature, after concrete physical-chemical stabilization; (ii)
transitional thermal creep (ttc), which occurs during heating, continuing at constant
temperature up to concrete thermal stabilization, and is due to concrete dehydration
and, beyond 300°C, also due to aggregate degradation; (iii) drying creep, which occurs
during the early stages of heating and is the result of free water loss. Drying creep and
ttc comprise the transient creep, while the difference between the total strain and the
free thermal strains, disregarding the initial elastic deformation, constitutes the so-
called Load Induced Thermal Strain (LITS) (Khoury, [58]), which takes into account
irrecoverable mechanical strains and changes in the recoverable elastic strains due to
heating.

As stated by Bazant [24], creep does not have an asymptotic value. However, its
components could approach a limit for specified load and temperature conditions, as
is the case of basic creep at room temperature and transient creep at high temperature.

At room temperature, creep and shrinkage experimental measurement procedures are
described on RILEM TC-107 [59] and ACI Comitee 209 [60]. At high temperature,
RILEM TC 129 [61] defines the standard test procedures.

The effects of creep are commonly described in terms of adimensional parameters.
ACI-209 [60] defines the creep coefficient as the ratio between creep and mechanical

35



strain values — ®(t, t,) = 7 (¢, t,) /% (t,) — while the specific creep is defined as creep
per unit stress. The advantage of the latter notation is that creep strains are kept
independent of the applied load and its value can be used to estimate, under certain
stress limits, creep strains at any load level. Moreover, the compliance function
represents the total stress-dependent strain per unit stress and is function of the creep
coefficient: J(t,to) = (1 + ®(¢, t0))/Ex:.

It is important to observe that, according to Willam et al [62], up to 80°C, there is no
noticeable change in the fundamental creep mechanism, although, at this temperature,
occurs an acceleration of concrete aging and creep values are twice of the one
observed at 20°C. However, at high temperature, creep parameters become also
dependent of the temperature, occurring a thermo-hygro-mechanical (heating +
drying/dehydration + loading) coupling effect. In addition, the stress limit is reduced
due to excessive creep at lower stress levels.

2.2.1 Shrinkage

Shrinkage is dependent of concrete thermo-hygral conditions, being divided in
autogeneous (sealed specimen) and drying (unsealed specimen) components. A
sealed specimen, at early age, presents autogenous shrinkage due to concrete
hydration. An unsealed specimen is also subjected to drying shrinkage due to free
water loss. In this case, the loss of water held in the gel pores (cement paste level) is
the main cause of the concrete volume change. It is worth mentioning that the loss of
free-water is not responsible for an appreciable dimensional change, although the
increase in the pore relative humidity in the cement paste capillary pores can give rise
to concrete swelling. It is worth mentioning that cement paste shrinks more than mortar,
mortar shrinks more than concrete and concrete with finer aggregates shrinks more
than concrete with coarse aggregates.

During heating, there is a coupling between temperature, which leads to aggregate
expansion, and pore humidity, in which concrete moisture loss induces cement paste
shrinkage, resulting in a thermal mismatch which leads to concrete microcracking
development.

2.2.2 Basic creep

Basic creep, at room temperature, occurs in sealed specimens under no moisture
exchange with the environment. Rossi et al [63], based on acoustic emission tests,
explained that the physical origins of basic creep relies on concrete microcracking
which induces water vapor movement from capillaries to the microcracks, leading to
capillary drying and shrinkage.

Ranaivomanana et al [64] analyses of sealed HSC specimens at room temperature
showed that shrinkage plays an important role in the estimation of basic creep,
particularly in the case of tensile basic creep. In this case, test results exhibited
negative strain variations. As stated by Atrushi [65], this is due to the fact that, in
tension, autogenous shrinkage has a high influence both in magnitude and in the rate
of creep, since shrinkage is of the same magnitude of the load-dependent deformation.
Moreover, Ranaivomanana et al [64] affirm that since direct tensile tests cause greater
damage in the specimen, the interpretation of the results becomes more complicated
due to the stronger interaction between stress-induced cracking and shrinkage strains.
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Bazant et al [52] formulates a constitutive law to model basic creep effects considering
constant water content and temperature conditions. The triple power law gives the
creep rate (compliance function) as function of the product of power functions of the
load duration, the age at loading and the current age of concrete, as shown in Eq. 19.

Ao T ta
Jte) =5 () (19)

tl

where: Eo= asymptotic modulus (z1.5-E2s); n, m, w1 and a = materials parameters.

At high temperature (T>100°C), basic creep (creep at high temperature) occurs in
unsealed specimens (dried) with constant temperature, after all concrete physical-
chemical transformations are completed. Some authors, such as Andenberg and
Thelandersson [47], propose an equation to describe its effects. However, it is
important to say that basic creep strains are much lower in respect to transient creep
deformations. Moreover, immediately after temperature stabilization, concrete
reactions continue to occur, creating a coupling behavior between basic creep and ttc,
which makes the task to isolate the basic creep term more complicated.

2.2.4 Drying creep

According to Bendoudjema et al [4], drying creep corresponds to the additional
deformation observed when concrete is loaded together with a change in the internal
moisture state, originating the so-called Picket effect (microcracking).

Picket’'s paradox, as stated by Acker and Ulm [66], occurs when the hygrometric
conditions acts in opposite direction on the creep rates, according to whether water
content in the specimen is uniform or not. For example, a previously dried concrete
exhibits no creep, whether an impermeable concrete (basic creep), with no drying, the
more evaporable water it contains, the more it creeps. And a concrete that dries during
loading (drying creep) creeps even more, as shown in Figure 43.
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Figure 43 — Creep strains as function of time of specimens loaded in high temperature [66].

Benboudjema et al [4] say that microcracking phenomenon is the result of concrete
moisture loss and can be identified when the specimen is submitted at the same time

37



to a sustained compressive load and drying conditions. In this case, the drying-induced
microcracking is less pronounced compared to a non-loaded specimen and the
measured delayed strain is greater than the sum of the elementary components (drying
shrinkage and basic creep), as shown in Figure 44.
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Figure 44 - Picket effect (Bazant and Carol, [67]).

Microcracking is directly related to concrete thermal gradient and inhomogeneous
moisture distribution. Analyzing a free-load specimen at initial heating stage, while
concrete external surface is drying and shrinking, the inner layer is wet and submitted
to compressive stresses. The compressive stresses are counterbalanced by tensile
stresses at the specimen’s surface layer, producing microcracks, which are one of the
physical explanations of drying creep. As stated by Bazant and Carol [67], since these
microcracks are not fully closed, when moisture distribution reaches a uniform state,
the measured shrinkage is smaller than the true shrinkage. On the contrary, a
specimen under uniaxial compressive stress exhibits larger shrinkage, since the whole
cross-section is in compression and microcracking is reduced. As a consequence, the
apparent drying creep will be larger than the sum of the separate basic creep and
shrinkage.

Bazant et al [2] propose a unified theory called microprestress-solidification theory to
describe concrete creep phenomenon encompassing the short-term effect of
microcracking and the long-term aging, in which creep is a result of stress-induced
shrinkage. The latter is a physical explanation to describe moisture-diffusion process
in concrete microstructure, which is characterized by local water transportation
between capillary pores and gel pores with molecular size. The microdiffusion flux of
water through the gel pores is responsible for the continuous process of separation,
slip and restoration of bonds in the CSH gel, which leads to a relaxation of the shear
stresses of that local site.

It is important to underline that, while microcracking effect increases and later
decreases when a moisture uniform state distribution is reached, the stress-induced
shrinkage continuous to increase with time, as shown in Figure 45.
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Bazant et al [36] includes the effects of the temperature in the microprestress-
solidification theory of Bazant et al [2], taking into account microcracking and changes
in the level of the microprestresses acting in the CSH structure due to temperature
variations.

It is important to underline that this theory is valid for temperatures up to 100°C since,
above this level, creep mechanisms change. Below 100°C, the role of temperature,
due to Bazant et al [36], is twofold and causes, on one hand, the acceleration of bond
breakages and restorations, and, on the other hand, it increases the hydration of the
calcium-silicate-hydrates. Above 100°C, concrete dries out, ending the hydration
phase (solidification process), and concrete dehydration associated with
microcracking, due to thermal mismatch, prevails.

2.2.5 Creep at high temperature

At high temperature, creep is divided in two main mechanisms, one called transient
creep ('), which occurs during the heating phase and is due to concrete drying and
dehydration. The other occurs after heating, with constant temperature, and is called
basic creep or generically creep at high temperature.

Transient creep describes all creep effects that takes place in concrete during heating
(physical-chemical transformations), which includes drying creep and transitional
thermal creep (ttc).

Drying creep (£49¢), as shown in Figure 46, practically achieves its maximum value at
110°C, with some small variations according to materials properties and boundary
conditions. From that point, transient creep is almost entirely dependent of concrete
dehydration, which starts at 105°C, as shown in Figure 47.
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Figure 46 — Drying creep vs. temperature [5]. Figure 47 — Dehydration vs. temperature [5].

Transitional thermal creep, due to Thelandersson [68], is temperature-dependent,
being proportional to the heating rate. It does not depend on the time of exposure to
high temperature. It is developed in the first heating and does not occur again for the
same maximum temperature level. Mindeguia et al [69] demonstrated that the heating
scenario has a great influence on transient creep, which appeared only for
temperatures higher than the maximum pre-heating one, as shown in Figure 48.
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Figure 48 — Total strains of unloaded (test 1) and loaded specimens [69].

According to Sabeur et al [5], chemically bound water loss is the leading process of
transitional thermal creep up to 400°C. Figure 49 shows creep evolution with
temperature.
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One important phenomenon observed by Thelandersson [68] is the path dependence
(load path). As shown in Figure 50, concrete free thermal expansion is restrained when
a uniaxial compressive load is applied to the specimen at the beginning of the heating
process. On the contrary, if the same compressive load is applied after temperature
stabilization, the sum of both mechanical and creep strains are not enough to
completely counteract the free thermal strains, which indicates the important role
played by the boundary conditions (thermal expansion restraint due to the applied load)
to concrete total deformation.
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Figure 50 — Comparison between basic creep (curve 1) and transient creep (curve 2) [68].

Due to the complex concrete behavior and the coupling effects of the different strain
components at high temperature, it is rather a very difficult task to uncouple the
transient creep strains from other thermomechanical strain sources. For practical
purposes, transient creep can be described accurately enough by concrete overall
behavior. Hence, some authors (Khoury et al [11], Terro [53]) employ the term LITS
(Load Induced Thermal Strains) to describe concrete stress-induced strains at high
temperature, which includes transient creep and mechanical strains. LITS can be
defined according to Figure 51
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Figure 51 — Total strain components and LITS definition.

According to Sabeur et al [5], LITS has an instantaneous component varying with
temperature and fluid transportation (water and vapor) inside the specimen and other
non-instantaneous and time-dependent under isothermal conditions, as shown in
Figure 52. LITS is not strictly linearly related to the stress level, but can be assumed
so for practical purposes. Hence, as stated by Anderberg and Thelandersson [47],
LITS is proportional both to the heating rate and the stress level.
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Figure 52 — LITS and temperature variation as function of time [5].

It is important to notice that the different methodologies adopted to describe creep at
high temperature could lead to some confusion for those who are not familiarized with
the subject. This lack of consistency in the literature is reported by Willan [62].

For clarity, this thesis adopts the term basic creep to refer to time-dependent creep
that occurs at constant temperature, after all concrete physical-chemical reactions
have taken place. Transient creep is defined as the quasi-instantaneous creep strain,
which occurs during heating (transient phase) and is the sum of drying creep and ttc.
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Immediately after the end of the heating process and before all concrete physical-
chemical reactions ends, there is a coupling effect between basic creep and ttc.

LITS is the creep that occurs during concrete heating (transient creep) and includes
also mechanical strains (irrecoverable strains and changes in the elastic strains due to
temperature increase). It is defined experimentally by the difference between total
strain, obtained from a test with a loaded specimen, and thermal strains, measured in
an unloaded specimen, disregarding the initial elastic strain deformation. Transient
creep is obtained by subtracting the mechanical strain sources from LITS.

Transient creep in compression is well known, with a relatively abundant literature. On
the contrary, in tension, transient creep practically does not have any literature
reference or test data available. Only one reference to this topic was found by the
author in Mindeguia et al [69].

The lack of publications regarding transient creep in tension is probably due to the
complexity of the test and the fact that the majority of the existing structures are
composed of concrete and steel, and in a fire situation, concrete tensile stresses could
be disregarded. As stated by Sadaoui et al [70], in simply supported beams, transient
creep on the tensile surface has no significant effect since the structural response is
governed by concrete cracking and steel yielding. Despite that, this is an important
situation, especially in case of tunnel fires overlaid with FRC precast panels, which are
subjected to tensile stresses and temperatures above 800°C.

2.3.6 Creep in tension at room temperature

There are relatively few publications about creep in uniaxial tension compared to creep
in uniaxial compression, which are focused in specific aspects, i.e., the role of creep in
the durability of concrete cover layers; early age creep behavior of different
cementitious materials (UHPCC, HSC, HPC); FRC material behavior at pre-peak and
post-peak.

Creep in tension at room temperature seems to be governed by two mechanisms, as
occurs with creep in compression, i.e, microcracking effect and stress-induced-
shrinkage. However, according to Altoubat and Lange [71], fiber reinforcement reduces
the effect of microcracking associated with drying. Thus, tensile creep is dominated by
stress-induced-shrinkage, as shown in Figure 53. Moreover, fibers slightly reduce the
contribution of stress-induced-shrinkage.
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Figure 53 — Effects of tensile creep on concrete with and without fibers [71].

Altoubaut and Lange [71] propose a new methodology to separate the Picket effect of
early age concrete submitted to tensile stresses. The experimental tests, shown in
Figure 54, are divided in three parts, considering moist-cover (suppression of
shrinkage and microcracking), sealed (uniform drying and suppression of
microcracking) and unsealed specimens. The objective is to measure the effects of the
stress-induced-shrinkage (difference between creep strains from moist-cover and
sealed specimens) and microcracking, (obtained from the difference between total
creep and basic creep strains). Basic creep is defined as the sum of the moist-cover
specimen (aging component) and stress-induced-shrinkage (microprestress
component).
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Figure 54 — Creep and shrinkage experimental results from [71].

Bissonnette et al [72] observed that tensile creep increases with the reduction of the
cement paste content. The addition of fibers, on one hand, does not have much
influence on drying shrinkage but, on the other hand, has a significant effect on the
creep strains, which could lead to an increase of about 30% in the total creep in case
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of hooked-end fibers. These results show the important role developed by the paste-
aggregate and the fiber-paste interfacial areas to tensile creep behavior. Due to
Bissonette et al [72], a non-negligible part of tensile creep strains could be located in
these weaker and highly stressed areas, which are prone to cracking propagation.

Bissonnette et al [72] estimates that tensile creep is proportional to the applied stress
up to 0.5fct. Basic creep, as observed in compressive creep, represents only a small
percentage of the total creep.

Bissonnette et al [73] state that drying creep could be explained on the basis of a
viscous-shear theory and microcracking effect. Viscous-shear is the result of the
adsorbed water layers that are disturbed by both the applied load (absortion of water
in the gel pores) and the evaporation process, which induce the flow of gel particles
one against the other. The microcracking effect was observed indirectly by comparing
the Secant Moduli of Elasticity of unsealed specimens and their companions. The
results have shown a small reduction of the Elastic Modulus, thus indicating a small
deterioration of the specimens.

Kovler [74] analyzed drying creep behavior under tension, showing that, at initial stage,
shrinkage and drying creep do not necessarily coincide in sign with the load direction,
leading to negative strain values as shown in Figure 55. In a later analysis, Kovler [75]
attribute this fact (initial negative creep values and later positive) to swelling of sealed
concrete which was captured in direct observations of alternative cycles of drying and
sealing. Removing this effect from total creep strain, the resultant strain becomes
positive with increasingly values in time.
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Figure 55 — Drying creep strains for different tensile stresses [74].

Reinhardt et al [76] achieved similar results of Kovler [74], but in contrast to Kovler
[75], Reinhardt et al [76] explained the initial negative tensile drying creep as a result
of increased concrete shrinkage. Reinhardt and Rinder [76] measured concrete
humidity and found that around loaded specimens moisture loss was higher than
unloaded specimens, thus concluding that shrinkage of loaded specimens is
underestimated, otherwise the bump in the creep curves, shown in Figure 56, would
not occur.

45



0.25

Concrete |

"_""_/ﬁ%oncrete I

r= oy ! fum =0.80

<—»> |
i| Influence of loading-induced shrinkage |
0.00 + '. l

0 200 400 600 800
Time (d)
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2.3 FRC Mechanical Characterization

During the last decades, a large effort was made in order to characterize fiber
reinforced cementitious composites. The addition of fibers to concrete was a milestone
for concrete structural design and construction. The main innovation introduced by this
new cementitious composite is the ductile response obtained by the fiber pull-out effect
of dispersed fibers immersed in concrete. In this system, the matrix is responsible to
carry the compressive load and the fibers are responsible to carry the tensile forces
alone or in companion with steel bars. On one hand, the development of new
technologies of fabrication allowed the production of new types of materials (synthetic,
steel, carbon), and, on the other hand, new research discoveries allowed the
appearance of new types of fibers (short, long, hooked-end, straight, twisted). There
were also improvements in the concrete matrix and in fibers pull-out resistance due to
the addition of special binders (slurry infiltrated, fly ash, pozzolana), which improve
concrete response (hardening or softening), enhances cracking control and increases
fire resistance.

As a result, a completely new area of study was opened and new concrete applications
were developed. FRC intrinsic properties, such as the reduction of concrete workability
and fibers dispersion have for a long time studied. The problem of flowability affects
structures with dense reinforcement, which creates an additional problem of preventing
voids on concrete and guaranteeing the correct fibers orientation in the matrix in order
to give the predicted design response. In the first case, the problem was solved with
the development of new super and hyper-plasticizers, which ensure very low slump
values. Also a new type of concrete (self-compacting concrete - SCC) was developed.
The problem of fiber dispersion was partially solved with new casting techniques, which
induce fiber orientation in predefined directions.

It is important to underline that FRC structural response (softening or hardening
behavior) largely depends on the type and quantity of fibers and on the kind of test
performed. For example, a material tested in uniaxial tension could develop a single
crack (softening behavior in terms of on-COD), while the same material in bending
could be subjected to a multiple crack pattern, resulting in a hardening response in
terms of load-deflection curve. In this way, Naaman et al [77] and di Prisco et al [78]
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proposed to classify and explain FRC structural behavior according to different test
methodologies and material response.

A very important issue of FRCC regards the procedures adopted in order to obtain the
post-cracking material response. Different test procedures were developed to
characterize the mechanical behavior of FRC, for example, round panel test ASTM-
1150 [79], flexural tests on notched or unnotched beams (RILEM TC 162-TDF [80],
UNI-11039 [81]), uniaxial direct and indirect tensile tests.

One important question regarding FRC is the material classification and
characterization. This is a very important issue that is still open to debates. Different
types of tests can be adopted, for example, uniaxial tensile tests, splitting (Brazilian)
tests, wedge splitting tests (WST), bending tests, Barcelona test and indirect DEWS
tests. Since concrete post-peak behavior is the most important characteristic of fiber
reinforced cementitous composites, the experimental test should be able to capture
fibers pull-out response. Notwithstanding, the tests are intrinsically very complex, as
they should prevent spurious results coming from the monitoring devices and also have
to minimize, as much as possible, the influence of external factors (boundary and load
conditions, size effect) and internal factors (self-equilibrated stresses, premature
cracking, stress redistribution and stress concentration).

Among them, the Brazilian test cannot be used to characterize FRC post-peak
behavior. Only the tensile strength can be obtained by adopting some recommended
test procedures as suggested by Denneman et al [82]. Other indirect tests, such as
WST, BCN and flexural tests, have been largely used due to their simplicity in relation
to UTT. One disadvantage of these methods is the need of a posteriori analysis. In
order to overcome the problems related to UTT tests and, at the same time, obtain the
tensile constitutive law directly without the need of an inverse analysis, DEWS [83] test
was devised. In this case, a compressive load is applied at the top of the specimen
and a double notch at the top and the bottom of the specimen guarantees an uncoupled
stress field and a pure mode | fracture state on the ligament.

2.3.1 Tests for concrete mechanical characterization

The following tests are described in this section: flexural tests, Brazilian tests, wedge
splitting test (WST), uniaxial tensile test (UTT), double edge wedge splitting (DEWS)
test and Barcelona (BCN) test. It is important to underline that, independently of the
test methodology, fiber orientation is of utmost importance and has a direct influence
on the test results. For example, fiber distribution in small specimens is influenced by
the wall effect, which limits fibers orientation. As a result, it is always better, for practical
purposes, to respect as much as possible the onsite casting conditions. Moreover, the
specimens used for the mechanical characterization should have the same fibers
representative distribution on the section of interest, otherwise correction factors
should be adopted. FRC design should take into account an orientation factor
parameter, which can be disregarded only in case when a homogeneous and isotropic
fiber distribution is found (Laranjeira et al, [84]).

The Wedge Splitting Test (WST) has been first proposed in Linsbauer et al [85] and
developed further in Bruhwiler et al [86]. This method is relatively common for
determination of the fracture properties of plain concrete. However, as stated by
Logfren et al [87], in case of fiber reinforced concrete, a small number of references is
found and no standard procedures exist regarding, for example, the size and shape of
the specimen and the interpretation of the data. The deformations are measured in
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terms of crack mouth opening displacement (CMOD). Since this is an indirect tensile
test, a compressive load is applied, inducing a splitting force along the ligament. Due
to the kinematics of the test, when localization occurs (crack initiation), there is a
release of the potential energy from both the vertical applied load and the splitting force
along the ligament. Using Finite Element Method (FEM), Logfren et al [87] calculated
the contribution of the vertical load to the total work for two specimens with different
sizes (small and large) and found that its contribution is about 5% to 7%. The main
advantages of WST method, according to Logfren et al [87], are that the test allows
the use of relatively small specimens in relation to bending tests and the utilization of
relatively simpler testing equipment compared to uniaxial tensile tests (UTT). The
drawbacks include the appearance of friction between the wedge and the roller
bearings. There is also the need to make an inverse analysis to determine the tensile
constitutive law. Experimental tests carried out by Logfren et al [87] on specimens with
and without a guided notch have demonstrated that the guide notch prevented diffused
cracking and appeared to increase the energy dissipated during the fracture process.

The uniaxial tensile test has the great advantage of not requiring an inverse analysis.
However, the test results are affected by specimen-machine interactions. For example,
fixed-end platens generate additional forces (bending moments) due to the kinematic
constrains, while free-end platens allow the specimen to rotate along the vertical axis.
In the former case, due to the imposed constrains in the boundary conditions, there is
a higher flexural stiffness in relation to the latter case, which retards the crack
propagation. A stiffer system has the tendency to deviate the cracking front from the
ligament in the case of notched specimens, generating a bump in the softening branch
of the stress vs. COD curve, which means that there is a higher fracture energy stored
in the system in relation to free-end tensile tests. Moreover, experimental tests carried
out by di Prisco et al [88] have shown that tests with free-end platens results in a slightly
weaker tensile strength and a higher scattering compared to tests with fixed-end
platens. Another disadvantage of uniaxial tensile tests is related to the complexity of
the tests. Qian et al [89] pointed out that the specimen is sensitive to stress
concentrations that arouse due to test setup misalignment. Moreover, special fixtures
for the specimen ends are needed.

The Double Edge Wedge Splitting (DEWS) test is an indirect tensile test, as WST, in
which a compressive load is applied to induce the development of splitting forces on
the ligament. However, unlike WST, DEWS methodology does not need an inverse
analysis to determine the tensile stress vs. COD curve and this is the main advantage
of this type of test. In this case, a double notch both at the top and at the bottom of the
specimen is created, generating a pure mode | fracture behavior and allowing the
complete uncoupling of the stress field, which results in the development of an arch of
compression and the concentration of tensile stresses on the ligament. It is important
to underline that a crack orientation can be pre-determined by choosing the notch
orientation, allowing the analysis of concrete fracture properties in any desired
direction. This is particularly important for fiber reinforced cementitious composites, in
which fibers orientation is of utmost importance to concrete post-cracking behavior.
However, the specimen-machine interaction plays an important role. In this case, the
specimen is free to develop in- and out-of-plane rotations, which results in a lower
torsional stiffness in relation to UTT. Moreover, there is the effect of friction on the point
of the application of the load.

The splitting (Brazilian) test is very effective to determine concrete tensile strength. In
addition, the test methodology is much simpler in relation to UTT. However, the test is
restricted to the elastic range. After cracking, the test cannot provide any kind of
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information about concrete residual properties (Denneman et al [82]). It can, at most,
be used to establish the tensile strength, as described in Denneman et al [82]. The
limitations are related to the size effect and the boundary conditions, which have a
direct effect on the crack propagation. After the peak strength, a secondary cracking
mechanism outside the ligament appears, which is not correlated to the linear elastic
stress distribution and is the result of stress redistributions after cracking. As a result,
new highly stressed areas are formed on the top and on the sides of the specimen,
accompanied by a relaxation of the stresses along the ligament (loading axis)
(Denneman et al [82]).

The bending test was introduced in order to overcome the problems related to UTT
experimental procedures. The test can be carried out adopting one (3PB) or two (4PB)
point-loads in notched or unnotched (structural) beams. RILEM [80] recommends 3PB
tests on notched beams, while UNI 11039 [81] adopts 4PB tests on notched beams.
One of the main differences between the two types of test refers to the displacement
measurements. In 4PB tests, crack tip opening displacement (CTOD) values are
monitored, while in 3PB tests, the crack mouth opening displacement (CMOD) is
measured. 3PB tests tend to give higher values in relation to 4PB tests due to the load
scheme, span and notch dimensions (di Prisco et al [78]). Numerical analyses carried
out by Ferrara et al [90] demonstrated that the concentrated load on the ligament in
3PB tests leads to a larger internal lever arm and a slightly increase in the resultants
of the tensile and compressive stresses.

Montaignac et al [91] compared the results of inverse analyses on notched beams and
on round panel tests. In the former case, the results were more accurate to identify
FRC post-cracking behavior, although there is a tendency of an overestimation of the
values for large crack widths. In the latter case, the inverse analyses had a tendency
to underestimate the post-cracking strength. And the first post-peak strength,
immediately after concrete cracking, was not captured due to the structural
redundancy. In this case, three cracks have to be formed in order to fully activate fibers
pull-out mechanism.

Among the differences between UTT and flexural tests, it is important to mention that,
while, in the latter case, the entire specimen is under tension and the tensile strength
is related to the maximum tensile strength capacity, in the bending test, the tensile
flexural strength refers to the tensile capacity of the lowest cross-sectional stretched
portion. The main disadvantage of this test is that it requires an inverse analysis.
However, despite other indirect methods such as WST, a comprehensive study has
been carried out during the last decades in order to simplify the analysis procedures,
which culminated in the publication of simplified methods to determine FRC tensile
ductile behavior, as described in RILEM TC 162-TDF [80] and fib Model Code 2010
[78].

Barcelona (BCN) test is an indirect tensile test based on the double punching test
(Carmona et al, [92]). The test is carried out on cylindrical specimens with an aspect
ratio (diameter/height) of 1 and subjected to a compressive load imposed by steel
wedges centered on the top and bottom faces of the sample. The displacements are
measured in terms of total circumferential opening displacements (TCOD). The so-
called generalized Barcelona test [92] replaces the TCOD by axial displacement
measurements between the two steel wedges. In this case, the peak and residual
strengths are calculated according to UNE 83-515 [93]. The main advantages of this
test includes the relatively small specimens adopted and the possibility to use
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conventional testing machines. The disadvantage is that the test results do not provide
a straightforward solution and a quantitative interpretation of the data is needed.

Bruhwiler et al [86] experimental results from WST, UTT and 3PB tests have shown
that the fracture energy (Gy) gives identical values in all three tests if the ligament length
and the concrete type are the same.

2.3.2 Inverse analyses techniques

Two main procedures are generally adopted to determine the tensile post-peak curve
in terms of 6-¢ or 6-COD. The most accurate method and, at the same time, more
complex one, applies a step-by-step iterative solution to track FRC curve adopting a
piecewise function, in which the load vs. deflection curve from bending tests is followed
point-by-point and the error between the computed and the corresponding load is
minimized by weighting functions (optimization process). The other method simplifies
this procedure by previously determining the shape of the post-peak curve (generally
bi-linear or tri-linear) and determining fracture parameters for the chosen solution. The
prediction of the tensile constitutive law is based on a sectional analysis (cross-section
equilibrium), assuming the Bernoulli law (plane sections remain plane), force
equilibrium and compatibility between strains and displacements.

Many authors have proposed different methodologies based on the two main
procedures described above. For example, Qian and Li [89] developed simple linear
equations based on master curves. But, this model can be used only for the original
specified FRC geometry and loading conditions. For other types of concrete, new
master curves and equations should be created. Mobasher et al [94] propose a trilinear
o-¢ constitutive model based on plane section approach with cross-sectional
equilibrium and linear stress-strain distribution. The model is based on load-deflection
data from bending tests and on the moment-curvature response. Displacements
(stress-crack) and deformations (stress-strain) are obtained through the average
response within the cracking zone.

Sousa et al [95] describe an inverse analysis procedure implemented in a software
program called FIT3PB which allows the implementation of different types of c-w
curves (bilinear, trilinear, slope constant and Hordijk’'s model). The structural analysis
is based on the cracked hinge model and includes weighting functions and an
optimization process for a better correlation between three-point bending test results
(P-CMOD) and the uniaxial tensile constitutive law (c-w).

All of these methods have the great disadvantage of the necessity, in a greater or
lesser extent, of the development of numerical techniques to find the solution, which
restricts its wide application. In general, these methods require relatively complicated
calculations. In order to overcome this problem, RILEM TC 162-TDF [80] defined
simple procedures to calculate concrete fracture properties, based on a linear residual
tensile stress evolution and fixed conversion factors obtained from flexural cross-
sectional equilibrium and a simplified linear-perfectly plastic tensile stress distribution.
However, in some cases, this model could overestimate the ductility in bending (di
Prisco et al [88]; Godde et al, [96]). Moreover, the constitutive law is described in terms
of o-¢ curve and cannot be obtained directly from bending tests. According to
Montaignac et al [91], there is also a problem with size effect, since the increase in
beam’s depth increases the curvature and reduces the maximum strain. Godde et al
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[96] propose new variable conversion factors, based on the compressive strength and
the residual tensile flexural strength, obtained through tabulated diagrams.

A new revised model of RILEM TC 162-TDF [80] was proposed in fib Model Code 2010
[97] taking into account 0-COD curve rather than o-¢. 0-COD curves are independent
of the structural member size, representing the actual behavior of the specimen
(Montaignac et al, [91]). The basic assumptions adopted in RILEM TC 162-TDF [80]
were considered in the new fib Model Code 2010 [78], which includes the structural
characteristic length (/cs) governing the fracture process zone, a linear softening curve
and a simplified elastic-perfectly plastic tensile stress distribution. In the latter case,
compressive stresses after concrete cracking are disregarded and tensile stresses are
averaged through the entire cross-section (stress block). The equilibrium, in terms of
bending moment-curvature, is obtained through a kinematic model that considers a
theoretical hinge on the top of the beam, where the curvature is delimited.

The characteristic length was originally defined in RILEM TC 162-TDF [80] as two
times the crack length and in the Model Code 2010 [78] it is defined as the beam’s
depth for localized cracks (softening behavior) and as the distance between the cracks
for a multi-cracking pattern (strain hardening). It is important noting that the
characteristic length is influenced by several parameters, e.g., the type and volume of
fibers, matrix strength, cross-section geometry, load level and the presence or not of
steel bars. In order to overcome some of these problems, the Italian guideline [81] uses
the concept of multiple characteristic lengths in the same cross-section, according to
the fracture phase (microcracking, localization and macrocracking).

Recently, Amin et al [98] have proposed a bilinear post-peak constitutive model (o-w)
based on the rigid body rotation centered on the crack tip point and on the cross-
sectional equilibrium taking into account the internal forces (both compressive and
tensile stresses) and the neutral axis position. The displacements are defined in terms
of mean COD values and the crack width is directly proportional to the distance from
the neutral axis. For the first part of the curve, a transition function is assumed to take
into account the progressive fibers activation.

2.3.3 FRC characteristic values

Fiber reinforced cementitious composites have distinct characteristics in relation to
plain concrete and traditional reinforcement. While steel bar reinforcement in plain
concrete is localized, fibers have a smeared distribution in the bulk concrete, which
give fibers the pull-out resistance and concrete ductile behavior. Fibers can be oriented
adopting special casting procedures, but their intrinsic random distribution, defined in
terms of the orientation factor, cannot be eliminated. As a result, the standard deviation
found in FRC specimens is always higher compared to plain concrete. Moreover,
different amounts and types of fibers (straight, long, short, hooked-end, twisted) can
give different responses (hardening or softening) and different peak strength values.
Hence, contrary to plain concrete, in which the mean strength and the standard
deviation are previously known, in case of FRC, due to the huge variability and also
due to the fact that it is a new material, it is not possible to know in advance the
coefficient of variation (V) for a specific type of concrete. This is an additional setback
for the material characterization, since a minimum number of tests should be carried
out in order to determine the characteristic value for a specified FRC.

The characteristic value (Xx), according to Eurocode [99], can be obtained with Eq. 20,
where X is the average value, Vyis the coefficient of variation and K, is a parameter
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that depends on the number of specimens tested, the distribution adopted and by the
a-priori knowledge of V.

X,=X,-(1-K,-V,) (20)

The coefficient of variation is defined as v, = ¢,/X,,, where 0Ox is the standard deviation.

Experimental tests from Logfren et al [87] have demonstrated that the coefficient of
variation of uniaxial tensile tests ranged between 10% to 50%, with a tendency to have
half of the expected number of fibers on the fracture area. In case of 3PB tests, the
CoV varied up to 38% and, as the fiber volume increased, CoV value decreased. For
WST, the maximum CoV was equal to 26%.

According to Laranjeira et al [84], a CoV larger than 20% is commonly observed in
flexural tests. Carmona et al [92] found values of CoV for the residual strength reaching
almost 30% in Barcelona tests. Finally, Soetens et al [100] CoV values of frs (SLS,
CMOD=0.5 mm) and fr3 (ULS, CMOD=2.5 mm) from 3PB tests ranged between 10%
to 33%.

2.3.4 FRC constitutive law according to fib Model Code 2010 [78]

The steel fiber reinforced cementitious material investigated in this thesis was
classified according to fib Model Code 2010 [101], which assumes FRC as a
homogeneous and isotropic material when fiber efficiency factor (k), which considers
fibers distribution and orientation, is taken equal to 1. FRC classification takes into
account the residual post-cracking tensile strength, determined from bending tests on
notched beams, which are carried out according to standard procedures.

The two points that characterize the material class refers respectively to the
serviceability limit (SLS; CMOD=0.5 mm; f-1«) and the ultimate limit (ULS; CMOD=2.5
mm; fr3x) states. The first value defines concrete characteristic strength class (from 1
MPa to 8 MPa), while a letter from “a” to “e” indicates the ratio frs«/fr1x (hardening or
softening behavior). An example of the material classification, according to Model

Code 2010 [101], is shown in Figure 57.

foy 1.0; 1.5; 2.0; 2.5; 3.0; 4.0; 5.0, 6.0; 7.0; 8.0 [MPaj
fR[,k =ij,av —ks n=6: k=2.3356
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Figure 57 — Material classification according to fib Model Code 2010 [101].
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FRC constitutive law can be defined according to fib Model Code 2010 [101], [78] (Eq.
21 and Eq. 22), which is based on the residual strengths at SLS and ULS obtained
from the material classification.

fres =045 frn (w=10) (21)
frew = 050+ frs — 02+ fry (w = 2.50) (22)
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CHAPTER

PhD program overview

The thesis has the objective to analyze SFRC creep at high temperature both in
compression and tension. In the latter case, one of the main problems regards the test
setup, which requires special techniques to measure concrete displacements,
especially during the post-cracking regime. Mindeguia et al [69] have successfully
tested plain concrete specimens before cracking by means of uniaxial direct tensile
tests. However, after cracking, no experimental test has been performed yet. In order
to test FRC both before and after cracking, a new test setup was devised taking
advantage of DEWS methodology. A preliminary assessment of FRC transient creep
can be found in Askin and Sigin [102] master dissertation. In this study, numerical
analyses were developed in order to investigate the effectiveness of DEWS tests to
measure transient creep, taking into account different heating rates, load levels and
specimen geometries.

The analysis of creep at high temperature in compression aims to propose a new LITS-
semi-empirical model that could be adopted for design engineers to have a
straightforward and preliminary prediction of LITS behavior in concrete structures
subjected to a sustained uniaxial compressive load. In order to do so, the thesis is
divided in three parts, focusing on the formulation of a semi-empirical model, a
numerical check of the basic assumptions used in the proposed model and
experimental tests on LITS to analyze experimentally the most interesting aspects that
could be related to fiber contribution which are completely disregarded in the model.

In Chapter 4 experimental results from other authors are gathered in order to allow a
better understanding of LITS behavior. It is worth mentioning that, during the recent
years, new creep tests at high temperature with different concrete types (NSC, HSC,
UHPC, FRC) and different ages (from 1 to 5 years) were carried out by distinct
researchers, which allowed a better understanding of LITS phenomenon. From the
experimental results obtained from others, a more viable semi-empirical model in
relation to the available ones was developed by recognizing concrete as a
heterogeneous material. The model is described in terms of thermomechanical
(aggregate degradation and thermal expansion restraint) and thermochemical (matrix
softening behavior) strains. In this way, the role played by the aggregates (increase of
LITS) is recognized in the model. The effect of the age of loading is also discussed and
an aged-adjusted parameter is proposed based on the best fitting of the experimental
results from the literature considering 1- to 5-year-old concrete specimens and also
with SFRC with 11.5-years-old experimental results carried out during the thesis. The
proposed semi-empirical model is compared both with experimental results and
transient creep models from other authors.
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After the development of the semi-empirical model, a 2D three-phase numerical
mesoscopic modeling was carried out by means of the finite element software Abaqus.
The objective is to analyze the different concrete phases (aggregates and matrix)
contribution to LITS. As a result, LITS is uncoupled into three components: the
contribution of the aggregate geomechanical properties decay with the temperature
increase (LITSagg); the contribution of matrix thermomechanical properties evolution as
function of temperature (LITSmat); and the effect of the boundary conditions (LITSkc)
due to the thermal expansion restraint imposed on the specimen by the compressive
sustained load during heating. From the numerical results, an equation that takes into
account the effect of the boundary conditions (LITS,.) is derived.

The proposed semi-empirical model was also validated by means of experimental
results carried out during the thesis in 10-year-old steel fiber-reinforced concrete. The
same material with 1-year-old was analyzed during Colombo [6] PhD thesis. The
mechanical characterization was performed by means of compressive tests, ultrasonic
wave tests, indirect tensile DEWS tests and three- and four-point bending tests. In
order to verify the long-term aging effects on SFRC, the results were compared with
the ones obtained by Colombo [6]. The experimental investigation on the 10-year-old
material is shown in Table 2.

Table 2 — Experimental tests on the mechanical characterization of 10-year-old SFRC.

type of test n° of tests
uniaxial compressive 1
4-point bending 9
3-point bending 9
uniaxial indirect tensile DEWS 8

After the mechanical characterization, a preliminary creep test at room temperature
with a duration of three days was carried out. The experimental result was compared
with the Kelvin-Voigt approach and also with Eurocode 2 [103] and Model-Code 2010.

At high temperature, creep tests had the objective to analyze LITS in preloaded
specimens (the load was applied before the temperature increase), basic creep in
preheated specimens (the load was applied after three hours of the temperature
stabilization) and the path dependence. The tests were performed taking into account
two load paths (preloaded and pre-heated specimens), two load levels (0.2:fc.2s8(T) and
0.41c,28(T)) and two different maximum temperatures (200°C and 400°C). In this way,
one can expect that concrete remains in the viscoelastic regime, since the maximum
load applied was below 0.4f¢(T) (0.4fc,28(T) ~0.3fc(T)), from which an increasingly non-
linearity occurs due to the progressively damage (irrecoverable strain) produced by
microcracking growth in the bulk matrix.

A total of 16 tests were performed according to Table 3.

Table 3 — Description of the tests procedure at high temperature

test 1 — preloaded test 2 — preloaded test 3 — pre-heated test 4 — pre-heated
(x2) x2) (x2) (x2)
temp. load level | temp. | load level temp. load level temp. load level
0.2fc.28(T) 0.2fc.28(T) 0.2fc.28(T) 0.2fc28(T)
o =13 MPa o =12 MPa o =13 MPa o =12 MPa
200°C 0 400y | 490°C [0atasm) | 290C [0afmm | °9C [04fumm
=26 MPa ~24 MPa =26 MPa ~24 MPa
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A comparison between the experimental results in preloaded specimens and the
proposed LITS semi-empirical model was carried out. From the creep values in pre-
heated specimens, it was noticed that, as the temperature rises, the time of
development of primary creep is reduced and creep values are increased. Based on
these results, a prediction of basic creep was made by introducing in the Kelvin-Voigt
model a temperature-adjusted parameter to take into account the effect of high
temperature on creep. A prediction of creep in preloaded specimens during heating
and at constant temperature was performed by introducing in the adapted Kelvin-Voigt
model the effect of the boundary condition defined in terms of LITS,. as described in
Chapter 6.

3.1 Preliminary assessment of transient creep in tension

An experimental test at room temperature considering a cylindrical specimen with 75
x 150 mm was also carried out as shown in Figure 58. In this particular case, after an
initial crack propagation through the ligament from the top to the bottom surface, at a
certain point, the crack deviates, continuing to propagate in the horizontal direction.
One possible explanation is that the cylindrical specimen has a higher torsional
stiffness in relation to the prismatic one. In the former case, the out-of-plane rotations
are restrained, while, in the latter case, the specimen is free to develop in- and out-of-
plane rotations. It is worth mentioning that the V/S (volume to surface) ratio is higher
in cylindrical samples. In the experimental test, the height of the cylindrical specimen
tested was twice the diameter. As a result, due to the kinematics of the test, which
leads to an angular deformation and in-plane rotations during crack propagation from
the top to the bottom surface, the specimen is more prone to the appearance of
additional forces in form of bending moment. These two phenomena, associated with
an existing flaw in the bulk concrete outside the ligament surface, could be responsible
for this type of failure. As a result, more analyses should be carried out before adopting
DEWS methodology in transient creep tests.

Figure 58 —Indirect tensile DEWS test in cylindrical specimen.
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CHAPTER

LITS semi-empirical model formulation

In the literature, there are many empirical models (Diederichs [104], Terro [53],
Schneider [42], Anderberg and Thelandersson [47]) that aim to describe the behavior
of concrete transient creep in compression. However, the main problem is that all of
them start from a limited database, usually containing few experimental tests, and,
therefore, the formula and the parameters derived from the data are restricted to that
small amount of samples. According to Terro [105], transient creep has not yet been
thoroughly investigated: the limited database leads to mathematical model
assumptions based on interpolations or extrapolations from the existing data.

Only recently an increase in the number of publications of transient creep was
observed, with new experimental tests taking into account different types of concrete
(HPC, UHPC, SCC, FRC). Until the last decade, only few researchers, such as
Schneider, Andenberg, Thelandersson and Khoury, investigated this problem, having
developed extensive experimental campaigns with important findings, such as the path
dependence (Andenberg and Thelandersson, [47]) and the LITS master curve (Khoury
et al, [106]).

With the increase in the number of publications and experimental test results available,
it is possible to compile all these different tests into a single database, allowing the
researcher a broader analysis of the transient creep phenomenon. Having that in mind,
a total of 76 different transient creep tests were catalogued from Khoury [58],
Andenberg and Thelandersson [47], Nielsen [107], Huismann et al [108], Tao et al
[109], Mindeguia et al [110], Wu et al [111], Hager [112] and Didererichs et al [113].
The database includes several types of concrete (NSC, HSC, SCC, UHPC) with
different ages (from 3 months to 5 years), moisture conditions (saturated, dried, room
conditions), aggregate types (siliceous, calcareous, basalt and recycled), heating rates
and load levels. A twofold objective was pursued: compare the different experimental
results in order to find a correlation for transient creep evolution in different types of
concrete and, based on that, derive a semi-empirical model that better fits all the test
data. In order to accomplish that, first it is important to describe all the theoretical
framework which underpins the mathematical formulations.

4.1 Theoretical formulations of transient creep

In the 1970’s, Andenberg and Thelandersson [47] developed an extensive
experimental campaign with different load paths, stress levels, heating rates and
moisture conditions. Based on the test results, Andenberg and Thelandersson [47]
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proposed a transient creep law which is dependent both on the temperature and on
the concrete coefficient of thermal expansion.

In the 1980’s, Khoury et al [106], after a broad experimental campaign with different
concrete types, had defined the concept of LITS master curve which is, on one hand,
independent of the aggregate type and the concrete age (after a two-month aged
specimen), and, on the other hand, is linearly dependent of the applied load and the
heating rate. According to Khoury et al [106] and Cheyrezy et al [114], LITS trend is
similar for NSC, HSC and HPC.

In the early 1990’s, Terro [105] used Khoury et al [106] test data to obtain an empirical
formula based on a fourth order polynomial equation, which is directly related to the
temperature and linearly dependent on the stress level and the volume of the
aggregates.

Besides that, some important conclusions were attained by different researches which
are summarized below.

Sabeur et al [5] affirms that dehydration is the driving process of the transient creep up
to 400°C and Sabeur and Meftah [3] divided it into two components, i.e., drying creep
and dehydration creep.

The addition of PP fibers (Wu et al [111], Huismann et al [108], Tao et al [109]) increase
transient creep strains due to the microcracking effect.

Mindeguia et al [110] measured radial displacements and concluded that creep
practically is not activated in this direction.

Gillen [115] reported that moisture conditions strongly affect transient creep strains at
temperatures around 100°C.

Khoury [58] states that LITS is absent in concrete structures during a second heating
cycle, up to the maximum temperature reached before.

According to Mindeguia et al [69], transient creep appears only for temperatures higher
than the maximum pre-heating one. In agreement with this, Terro [105] affirms that ttc
can be even eliminated by preheating.

According to Khoury [58], LITS is seated on the cement paste and, thus, is insensitive
to the aggregate type up to 450°C. In addition, thermal stability depends specifically
on the aggregate type. In agreement with that, Mindeguia et al [69] state that transient
creep is influenced by the nature of the aggregate above 300°C.

Khoury [116] observed no significant sign of LITS or shrinkage during concrete cooling.
The applied load restrains the crack-induced and other strain expansion components
(Khoury, [116]).

Tao et al [109] affirms that the two most important mechanisms of transient creep
activation are the CSH dehydration and the decomposition of portlandite.

Sabeur and Colina [117] found that transient creep is inversely proportional to the w/c
ratio, which is directly related to concrete permeability.

Experimental tests up to 220°C from Sabeur and Colina [117] show that OC (ordinary
concrete) had the smallest creep strains, followed by HSC and HPC, which developed
the highest values.

Sabeur and Colina [117] observed the separation of the cement paste from the
aggregates due to the development of microcracks during the cooling phase. The
authors attributed this fact to the absence of transient creep strain during cooling.

Concrete complex thermo-chemo-mechanical behavior and its influence to LITS are
summarized in Table 4.

60



Table 4 — Relationship between concrete thermomechanical behavior and LITS

Influence of

Agent Effects on concrete LITS behavior
temperature
Agareqate Thermal mismatch leading to Directly proportional to
ggreg Thermal expansion | diffused microcracks, nucleation | LITS (thermomechanical
volume
and coalesce of cracks damage)
Cement CSH and portlandite Microprestress relaxation and Directly proport|one?l to
. : . LITS (thermochemical
paste dehydration reduction of concrete stiffness
damage)
. Concrete thermal Development of eigenstresses | Inversely proportional to
Heating rate . . . . . ;
differentials inducing concrete microcracking LITS
Compressive | Thermal expansion Delay of crack formation and Directly proportional to
stress restraint crack opening restraint LITS
. . . Directly proportional to
PP fibers Fibers me!tlng and Increase of _concrete_porosny LITS (thermomechanical
burning and microcracking d
amage)
. Concrete drying. Directly related to concrete Inversely proportional to
Moisture Inversely orosit LITS
proportional to FTS P y

It is worth mentioning that the heating rate is inversely proportional to transient creep.
Lower heating rates reduce the thermal stresses (eigenstresses) and, as a result,
concrete thermal damage. Besides, a larger time of exposure to fire increases concrete
dehydration due to the reduction of the thermal gradient in the bulk concrete, increasing
the transient creep strains. However, between 1°C/min to 5 °C/min, a small variation
of transient creep values is observed, as stated by Andenberg and Thelandersson [47].

Concrete increased ductility can be attributed to the cement paste dehydration, which
leads to CSH bond layers breakage and, under load, results in a structural
readjustment within the paste in order to achieve a lower overall energy level
(microprestress relaxation as described in Bazant et al, [2]).

4.2 Comparison among the empirical transient creep models

Despite concrete complex behavior, all empirical formulations reduce the problem to
only two or three variables, which includes the temperature, the stress level and the
moisture condition (Schneider, [42]) or the aggregate volume (Terro, [105]). This
simplification is due to the fact that the test data used in the analyses do not cover the
great variability of concrete mixtures. In the following, four transient creep models
(Terro, [105], Schneider [42], Tao [109], Anderberg and Thelandersson [47]) are
described and compared as follows:

a) Anderberg and Thelandersson [47] transient creep model is shown in Eq. 23.

£ = —ky X (fi) X &y if T < 550°C (23)

where: o= applied stress; f’.= concrete compressive strength at room temperature; t=
time in minutes; k,= dimensionless constant varying between 1.8 and 2.35.
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b) Schneider [42] includes also the moisture content in the formulation, as described
in Eq. 24.

o
Er =@ X Tein (24)
T
@ = C; x tanh(y,, X (T —20)] + C, X tanh[y, x (T —T,)] + C3 (25)

where: ¢ (w, T)= empirical function as defined in Eq. 25; Ecir= Modulus of Elasticity at
high temperature; y,, = (0.3 xw%>+22)x 1073, w= water to cement ratio;
C1, C3, C3, Ty, o= constants dependent on the type of concrete. For siliceous concrete,
the constants are respectively equal to 2.50, 0.70, 0.70, 800, 0.0075.

c) Tao [109] includes one parameter to take into account NSC and HSC materials. The
empirical model is the simplest one, being just in function of the temperature and the
applied load as shown in Eq. 26.

(o2
&y =cC" <f_'c> x A(T) (26)
A(T) = (—2.64 X 1077 X T* 4+ 2.93 X 107 X T3 —9.45 x 1072 X T2 — 5.79 X T + 270) x 10~¢
where: ¢ = empirical function equal to 1.55 for HSC and 1.0 for NSC.

d) Terro in [53] and [105] defines creep effects at high temperature as LITS (Load
Induced Thermal Strain), assuming a linear relationship between LITS and the
compressive strength at room temperature, as shown in Eq. 27. The formula is defined
for normalweight concrete with 65% of aggregate by volume. For other aggregate
mixture conditions, a linear relationship is adopted as shown in Eq. 30.

g
LITS(T,0) = LITS(T,0.3f',) X <0.0032 +3.226 X f_’) (27)
c
LITS(T,03f',) = Ag+ A; X T + A, X T2 + A3 X T® + Ay x T* (28)
LITS(T, 0.3f'.) =148 X (By+ By XT 4+ B, X T? + B3 X T® + B, X T* + B5 X T®) (29)
v,
LITS(T,0) = LITS(T, 65%) X (3.05 —3.15x 150) (30)

where: Ay, A,,A,,A;,A,are  empirical coefficients for normalweight concrete,
respectively equal to: -43.87; 2.73; 6.35102; -2.1910%; 2.77107; By, By, By, B3, B4, Bs
are empirical coefficients for Thames gravel aggregate type, respectively equal to: -
1098.50; 39.21; -0.43; -2.44-103; -6.27-10°; 5.9510°.

From the comparison among the semi-empirical models shown in Figure 59, it is
possible to observe that Terro [105] LITS model constitutes the upper bound limit, since
the transient creep deformation includes implicitly changes in the elastic strains due to
the temperature increase, together with irreversible mechanical strains. The following
parameters were adopted herein: o/fc=0.3; Ec=45 GPa; =75 MPa; Vagg/V:=65%.

62



16 —

Terro

Andenberg and
Thelandersson

STRAIN (x10%)

Schneider

Tao

0 200 400 600
T[°C]

Figure 59 — Comparison of different transient creep models in compression for 0.30f..

4.3 LITS model formulation

4.3.1 Transient creep thermo-chemo-mechanical behavior

In order to describe the different LITS sources, concrete is recognized as a
heterogeneous biphasic material, composed of aggregates and matrix (cement paste
+ fine aggregates). In this way, LITS is defined in the thesis as the sum of the
thermomechanical and thermochemical strains. The former is developed in the bulk
concrete (aggregates and matrix) and it is the result of microcracking, aggregate
degradation and concrete thermal expansion restraint imposed by the applied load.
Microcracking occurs due to thermal mismatch and increases with the amount of
coarse aggregates. The aggregates are responsible for LITS acceleration above
400°C, especially due to a-f quartz phase transformation at 573°C. The
thermochemical strain is seated in the cement paste (matrix), thus it is insensitive to
the type of aggregates, and includes both drying and dehydration creep.

4.3.2 Preliminary assumption

The aggregates seem to play a very important role on LITS. Comparing the
experimental data (Figure 60) available in the literature, it is possible to notice that an
increase in the coarse aggregate volume, described as the ratio of the coarse
aggregate and the binder (coarse aggregate/binder), leads to an increase in LITS
values.
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Figure 60 — Comparison of LITS among concretes with different mix design.

Moreover, this relationship seems to be logarithmic and can be mathematically
expressed as In(coarse aggregate/binder). In fact, solely the coarse aggregate
seems to play a key role, as their expansion has a much higher effect to concrete
expansion in relation to fine aggregates.

Taking advantage of LITS master curve numerically described in Terro [105] (Eq. 27),
and considering an aggregate logarithmic variation, as shown in Eq. 31, it is possible
to obtain a very good approximation with other experimental results, as shown in Figure
61.

LITS = LITS(T,0.3f",) x (0.0032 +3.226 x fi) x In(c.aggr/b) (31)

Khoury
o=0.1f¢
basalt - c.aggr/binder=2.7

LITS (x10%)

Andenberg and Thelandersson
-8 . 6=0.2251c
—— experimental quartzite - c.aggrfbinder=1.92
&—<& Terro empirical model

@€ modified empirical model &
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T [°C]
Figure 61 - Comparison of LITS considering [105] and modified [105] models.

However, this equation only works for OC and HSC with a relatively high coarse
aggregate content (In(coarse aggregate/binder) = 1). Moreover, with this equation it
is not possible to uncouple concrete thermomechanical and thermochemical strain
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components. Hence, a new LITS equation, considering separately these two
phenomena and which can be adopted for different types of plain concrete was
pursued. The role of the thermomechanical and thermochemical strains are described
below, followed by the description of the proposed LITS semi-empirical model
proposed in this thesis.

4.3.3 LITS thermomechanical strains

In order to proper analyze transient creep, one must take into account LITS
thermomechanical strains contribution originated from the aggregates inclusions in the
matrix, which lead to concrete microcracking (thermal mismatch), concrete thermal
mechanical restraint imposed by the applied load and transient creep acceleration due
to aggregate degradation.

Concrete heating leads to thermal mismatch, which, together with concrete thermal
differentials (eigenstresses), results in the interfacial transition zone (ITZ)
microcracking (tangential and radial cracks around the aggregates) and the later
appearance of macrocracks in the cement paste due to microcracks coalescence. In
Figure 62, it is possible to observe the crack pattern for a concrete heated up to 600°C.

Figure 62 —Microstructure of concrete heated up to 600°C (Hager, [41]).

Moreover, at high temperatures, according to Sygata et al [118] , rocks (coarse
aggregates) are subjected to chemical changes — polymorphic transformation, melting
and disappearance of certain minerals. The most important processes that lead to
geomechanical properties decay occurs between 400°C and 600°C (Sygata et al,
[118]). In this temperature interval, rocks are submitted to thermal expansion,
decomposition of minerals, dehydration, thermal stresses increase and considerable
modification in the internal structure, which causes a change in the mechanical
behavior from a brittle to a ductile response with plastic deformations.

Colombo [6] evidenced these thermomechanical damage by ultrasonic wave tests on
FRC beams after a complete cycle of heating and cooling. The results, before and after
thermal treatment, demonstrated that the mass loss due to concrete dehydration
(thermochemical damage) was much lower than the ultrasonic speed reduction.

According to Sygata et al [118], carbonate rocks mineral decomposition occurs at
relatively low temperatures, since the bonding between rock minerals exhibits a small
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resistance, which causes a decrease in strength from the beginning of heating. On the
contrary, sandstones exhibit a pronounced elasticity up to 800°C and an increase in
its strength during heating up to 400°C (Sygata et al, [118].

4.3.4 LITS thermochemical strains

LITS thermochemical strains occur due to both concrete free water loss (drying creep)
and dehydration. They are seated in the cement paste and, thus, they are insensitive
to the type of the aggregate. As a result, an UHPC will develop only thermochemical
strains due to the absence of coarse aggregates, which are responsible for LITS
acceleration.

Drying creep occurs approximately around 100°C due to the evaporation of water
stored in concrete capillaries (macropores). It is strongly affected by the moisture
condition (Gillen, [115]). A pre-dried concrete exhibits no drying creep.

In turn, dehydration occurs above 150°C due to physical and chemical bound water
evaporation from the CSH nano-porous media. It is the leading process of transient
creep up to approximately 400°C, when the aggregates start to become increasingly
important, eventually superseding dehydration as the leading process.

4.3.5 Proposed LITS semi-empirical model

A new semi-empirical LITS model is proposed, considering concrete as a
heterogeneous biphasic material (aggregates + matrix) and assuming that LITS is the
sum of thermomechanical (microcracking, aggregate degradation and thermal
expansion restraint) and thermochemical (drying and dehydration creep) strain
contributions.

In the first step, LITS for two different concrete mixtures, respectively with (ordinary
concrete) and without (UHPC) coarse aggregates are found. Eq. 32 shows LITS model
for ordinary concrete, where: vy is a variable dependent on the volume of coarse
aggregates (In(c.aggr./binder)); and, ¢(T) is a polynomial function describing LITS
on concretes with coarse aggregates. In this particular case, LITS is the result of the
contribution of both thermomechanical and thermochemical strain components, which
are respectively explicitly (81) and implicitly taken into account.

LITSpc = By X 9(T) X = (32)

c

Eq. 33 shows LITS model for UHPC, where: B2 is a variable dependent on the cement
content (In(binder/100)); and, J(T) is an exponential function describing LITS on
concretes without coarse aggregates. In this case, LITS is solely the result of the
contribution of thermochemical strains (concrete drying and dehydration), explicitly
described by the variable vo.

o

33
f'e &9

LITS yypc = B2 X 9(T) X
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In the second step, the two functions are rewritten (Eq. 34 and Eq. 35) in terms of
compliance functions (J(T)) in order to keep them independent of the load level, where:
q+(T) is the thermomechanical compliance function and q2(T) is the thermochemical
compliance function.

Jurs,oc(T) = B1 X q1(T) (34)
Jurs,uapc(T) = B2 X q2(T) (35)

In the third step, the two equations are added (Eq. 36) in order to obtain a general
semi-empirical model for plain concrete, such that the total LITS is the sum of the
thermomechanical and the thermochemical strain contributions. It is important to
underline that Eq. 34 describes explicitly LITS thermomechanical strain evolution, but
contains implicitly LITS thermochemical strains. Hence, in order to disregard the
thermochemical effects in Eq. 34, a reduction factor (a) was introduced.

Jurs(T) = a X By X q1(T) + B, X q(T) (36)

The final model, after fitting the parameters to the experimental data, was obtained as
shown in Eq. 37, where: By is the variable dependent of the cement content (Eq. 41);
Bim is the variable dependent of the aggregate volume (Eq. 40); qin(T) is the
thermomechanical compliance function in mm/m (Eq. 38); and, q«(7T) is the
thermochemical compliance function in mm/m (Eq. 39).

Jurs(T) = Bem X Qem(T) + Bee X qe(T) (

Qem(T) = (=5.26-1075+T —9.73 - 1077 - T2 4+ 3.23- 1077 - T3 — 4.42 - 10712 - T*) (
q,.(T) = —exp(T°%") - 0.156° (39)

(

(

w
oo
~

~
o
N

3
Bim =In (1 + (C. agg'/binder) )

'Btc — ln(binder‘/loo)

In order to take into account the different types of aggregates (recycled, calcareous,
siliceous and basalt), which are limited to the range of the samples analyzed, two
different thermomechanical compliance functions were derived. This is because
recycled aggregates breaks up at about 400°C, while siliceous and calcareous
aggregates decompose at 1200°C. For the latter case, the thermomechanical
compliance function is described in Eq. 38. For recycled aggregates, the
thermomechanical compliance function (mm/m) is shown in Eq. 42.

Qemrecyctea(T) = (351077 -T2 +1.7-107° - T3 — 13- 10711 - T* + 2.4 - 107* - T%) (42)

Figure 63 shows a comparison between the two thermomechanical compliance
functions.
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Figure 63 — Comparison between siliceous and Thames gravel LITS compliance functions.

Total LITS (in mm/m), for a determined load level, is calculated according to Eq. 43
and LITS coefficient (¢) is obtained according to Eq. 44.

LITS = J,;75(T) X o (43)
Orirs = Jurs(T) X E; (44)

It is important to underline that, as stated by Xing et al [119], recent studies
demonstrated that rocks of identical chemical nature can show different behaviors
during the temperature increase. Since the aggregate thermal damage process has a
direct effect on LITS behavior, the semi-empirical model represents an average value
and is limited to the amount of samples used.

4.3.6 The role of the aggregates

One important conclusion obtained from the proposed semi-empirical model is that the
aggregates seem to produce a much higher variability on LITS in relation to the cement
content. On one hand, the boundary conditions (compressive load and heating)
restrains the aggregate expansion (in a lesser degree also the matrix). On the other
hand, aggregates chemical transformations, mostly beyond 300°C, lead to an
increasing ductile behavior and higher deformations, accelerating LITS.

Figure 64 demonstrates that, as the amount of coarse aggregate increases, its
influence becomes gradually more important, since an increase in the cement content
causes only a small increase in LITS compared to an increase in the coarse aggregate
volume. As a result, the role of the aggregates cannot be disregarded, especially for
OC. In HSC and UHPC, dehydration prevails due to the small volume or absence of
coarse aggregates in the bulk concrete.
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Figure 64 — Cement and coarse aggregate influence on LITS equation.
4.3.7 The role of the age of loading

In literature, there is no noticeable reference (to the best of the author’s knowledge) to
the role of the age of loading to transient creep behavior. On the contrary, for creep,
Eurocode 2 proposes a reduction factor (B(to)) to take into account this effect. Since
one of the main mechanisms (microprestress relaxation) of both creep and transient
creep are the same, in spite of the different causes, one may expect that the age of
loading also have an influence on transient creep. It is important to say that concrete
aging increases both the level of the hydrated cement products (solidification process)
and the number of bonds of the CSH layers, increasing concrete stiffness, as described
in Bazant et al [2].

Comparing the experimental results of 5-year-old concrete from Hager [112] with the
proposed semi-empirical model, it is possible to observe that, without incorporating a
reduction factor, LITS values are consistently higher, as shown in Figure 65 to Figure
68. Therefore, a reduction factor (B(to) — Eq. 45) is introduced and a good agreement
between the semi-empirical model (Eq. 46) and experimental curves is obtained.
Despite that, more tests should be carried out in order to better understand and confirm
this assumption.

B(ty) = 400
0/ — 4
28 (45)
[ln(to )] + 400
Jurrs(T) = [Bem X @em(T) + Bee X qee(T)] X B(to) (46)
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4.3.8 Validation of the proposed semi-empirical model

In order to validate the new semi-empirical model, it was compared with experimental
results from other authors. All the values are shown in terms of specific LITS (strain
per unit stress).

Figure 69 shows the comparison between the proposed model and Khoury [58]
experimental results considering siliceous and calcareous aggregates. From the
experimental results, it is possible to observe that the curves for the two types of
concrete are practically the same and the model solution has a good approximation.
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Figure 69 — Khoury [58] experimental results for siliceous and calcareous aggregate types.

Figure 70 shows the comparison with Nielsen [107] green concrete (recycled
aggregates). It is possible to notice that the experimental curves with different load
levels (0.11-f; to 0.44f;) are practically juxtaposed, indicating the linear relationship
between LITS and the stress level. Moreover, the semi-empirical solution, adopting the
thermomechanical compliance function given in Eq. 42, has a good approximation with
the experimental curves.
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Figure 70 — Comparison with [107] experimental results for green concrete and three types of load.

Figure 71 and Figure 72 show respectively the comparison with Andenberg and
Thelandersson [47] and Mindeguia et al [110] experimental results considering two
different heating rates. From the experimental results, it is possible to observe that the
increase in the heating rate from 1°C/min to 5°C/min has a very small effect on LITS
values. A good agreement between the proposed model and the experimental curves
was obtained.
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Figure 73 shows the comparison with Andenberg and Thelandersson [47] results
considering saturated specimens. The proposed semi-empirical model is able to
reproduce reasonably the experimental behavior. The difference between the model
and experimental curves is due to the fact that, as stated by Sabeur and Colina [117],
transient creep is inversely proportional to the w/c ratio and, hence, saturated
specimens develop smaller transient creep strains in relation to standard cured ones.
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Figure 73 - Comparison with [47] experimental results considering saturated specimens.

Figure 74 shows the comparison with Andenberg and Thelandersson [47] tests taking
into account pre-dried specimens. In this case, the experimental result of the specimen
loaded at 0.2.fc was higher than the one loaded at 0.4.fc. Despite that, the proposed
model can predict the evolution of transient creep behavior in pre-dried concrete.
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Figure 74 - Comparison with [47] experimental results considering pre-dried specimens.

Figure 75 and Figure 76 show, respectively, the experimental results of UHPC
specimens from Diederichs et al [113] and HSC results from Huismann et al [108].
From these results, one can observe a good approximation between the proposed
model and the experimental curves.
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Figure 75 — Comparison with [113] UHPC results. Figure 76 — Comparison with [108] UHPC results.

Figure 77 shows the comparison with SCC (self-compacting concrete) from Tao et al
[109]. In this case, the proposed model is able to capture the trend of LITS evolution.
However, in the experimental tests, between 200°C and 400°C, LITS slows down and
after that, accelerates again. This phenomenon was observed only for this type of
concrete. Hence, more tests should be carried out in order to better understand this
behavior. It is worth mentioning that SCC mixture differs from those of OC, since it
incorporates more powder, less aggregates and a high range of superplasticizers to
reduce w/c ratio and increase workability. Also the aggregate shape (angular or
rounded) and size distribution are distinct from OC.
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Figure 77 — Comparison with [109] SCC specimens.

A comparison was also made between the proposed semi-empirical model and other
empirical equations (Andenberg and Thelandersson, [47]; Schneider, [120]; Tao et al,
[109]; Terro, [53]), as shown from Figure 78 to Figure 83. In this case, experimental
results obtained by other authors were considered as benchmark. Concrete
mechanical properties are shown in Table 5, together with the load level.

The results demonstrate the reliability of the proposed semi-empirical model, which,
compared to other empirical ones, has shown the best fitting in relation to the
experimental curves.

Table 5 — Concrete properties of the specimens

coarse
Reference £ concrete stress aggregate aggregate concrete Figure
type level type Ibinder age

Khoury [58] 51 ocC 0.1, calcareous 2.7 5 months Figure 78
Huismann et al [108] 113 HSC 0.1, siliceous 0.83 166 days Figure 79
Tao et al [109] 30 SSC 0.2, calcareous 1.58 118 days Figure 80
Mindeguia et al [69] 45.40 ocC 0.4f; calcareous 2.2 97 days Figure 81
Nielsen [107] 35 Green 0.11f, calcareous 4.79 3 months Figure 82
Andenberg and ) . 1.92 .
Thelandersson [47] 43.80 ocC 0.225f, siliceous 5 months Figure 83
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4.4 Final Comments

Andenberg and Thelandersson [47] tests on pre-dried specimens (Figure 74) have
shown that LITS was higher in the specimen loaded at 0.225c in relation to the one
loaded at 0.45fc. Andenberg and Thelandersson [47] results are similar to the ones
obtained from experimental tests at high temperature carried out during the thesis and
described in Chapter 7. In the latter case, the tests were performed on 11.5-year-old
specimens and one can expect a similar behavior in relation to a pre-dried concrete
due to the long period of drying exposure.

Comparing the experimental results from literature, it was observed that LITS
increases with the increase in coarse aggregate quantity, which can be attributed to
the direct relationship between aggregate volume and concrete thermal expansion.
This is the opposite of the assumption of Terro [105] empirical model (Eq. 30), which
assumes that the variation of LITS is inversely proportional to the amount of
aggregates.

From the comparison of the proposed semi-empirical model with experimental results,
one can conclude that the model has a poor agreement with saturated specimens. In
order to have a better prediction, the moisture content should be incorporated in the
semi-empirical model.

A lack of correlation between the semi-empirical model and SCC experimental results
after 200°C occurred. One possible explanation is that SCC mixture differs from those
of OC, since it incorporates more powder, less aggregates and a high range of
superplasticizers to reduce w/c ratio and increase workability. The aggregate shape
(angular or rounded) could be possibly related to this. In any case, Bamonte and
Gambarova [17] tests confirmed others experimental results, showing that, although
SCC has a tendency to be more heat-sensitive, its behavior is practically the same of
normal concrete mixtures (vibrated) in terms of thermomechanical properties decay
considering quasi-steady thermal conditions.

In relation to the age of loading, it was observed that the semi-empirical model
overestimated the experimental results of 5-year-old specimens. In order to take into
account the effect of concrete aging, a reduction factor (f(t,)) was introduced.
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CHAPTER

SFRC mechanical characterization and aging effects

FRC beams used in this investigation and shown in Figure 84 were cast in the same
day, in 2004, respecting the same casting procedure. Part of them were tested in 2005
(1-year-old material) during Colombo [6] PhD thesis and the rest in 2014 (10-year-old
material), during this thesis. The specimens size are 150x150x600 mm.

Figure 84 - Details of [6] FRC beams.

The beams were cast with 50 kg/m?® of low carbon steel hooked end fibers, 30 mm long
and with an aspect ratio (/#/df) equal to 45. Concrete mixture is described in Table 6.

Table 6 — FRC beams mix design

Material Type Quantity
[kg/m?3]

Cement | 52.5R 450
Siliceous 0-3mm 620
agreggates 0-12 mm 440

8 -15mm 710
Plastificizer Acrylic 55
Water 195
Calcareous powder 30
Steel fibers Low carbon 50

hooked-end

The mechanical characterization of the material included ultrasonic wave tests, flexural
tests (3PB and 4PB) and indirect DEWS tensile tests.
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The change in material mechanical properties due to long-term aging, especially the
residual post-cracking tensile strength, is investigated. In order to observe possible
changes in the material class through the years, the material classification according
to fib Model Code 2010 [78] of 1- and 10-year-old specimens was determined and
compared.

The tensile constitutive law of the material at 1 year was obtained according to fib
Model Code 2010 [78] and a plane section (PS) numerical analysis in bending was
developed.

A comparison of the on-COD curves between direct (UTT and DEWS) and inverse
analyses (tensile constitutive law of the material at 1 year) is carried out.

5.1 Ultrasonic wave tests

Ultrasonic tests were carried out in order to determine the Dynamic Modulus of
Elasticity. The values were compared with Colombo results [6] to verify the evolution
of the material properties through the years.

It is worth mentioning that ultrasonic tests apply pulses (short acoustic waves) with a
frequency range between 0.5 and 25 MHz to detect flaws inside the specimen due to
wave pattern modifications. Its main advantage is the high precision in comparison with
other non-destructive tests. The equipment has high sensibility, being capable to
detect microscopic flaws. Besides, it is simple to operate and fast to execute.

Concrete structures with good homogeneity, uniformity and compactness exhibit high
speed ultrasonic pulses. Material microstructure defects and flaws, such as
microcracks, voids and concrete segregation reduce and distort acoustic waves.
Discontinuity evaluation is determined by the comparison of the test results with a
reference number.

5.1.1 Experimental results

Overall, twenty FRC beams from Colombo [6] were tested. Two piezoelectric
transducers were employed, one transmitter and one receptor, disposed at beam’s
ends (longitudinally) as shown in Figure 85.

L sl

Figure 85 — Ultrasonic test procedure

The test comprised two steps: data collection and posterior data analysis. Firstly,
specimens lengths were measured and then, with the experimental apparatus, the time
of wave propagation was determined. After that, specimens wave velocities and
dynamic modulus of elasticity were calculated. The results are shown in Table 7.

The dynamic modulus of elasticity is directly related to the square of the ultrasonic
wave velocity and is computed according to Eq. 47, where v,; = ultrasound wave
velocity; p = concrete specific weight; v = Poisson ratio.
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Table 7 - Ultrasonic test results

n° length time vel. Dynamic elasticity
(mm) (us) (m/s) modulus
1 620 127.7 4.86 50.916
2 620 130.5 4.75 48.755
3 620 130.2 4.76 48.980
4 600 124.7 4.81 50.006
5 620 128.7 4.82 50.128
6 600 126.1 4.76 48.902
7 600 125.6 4.78 49.292
8 600 126.6 4.74 48.516
9 620 130 4.77 49.130
10 620 128 4.84 50.678
11 620 128.2 4.84 50.520
12 600 127.2 4.72 48.060
13 600 126.5 4.74 48.593
14 620 133 4.66 46.939
15 620 129.2 4.80 49.741
16 620 130.9 4.74 48.457
17 600 128 4.69 47.461
18 620 131.7 4.71 47.870
19 620 132.5 4.68 47.294
20 620 130 4.77 49.130

(47)

The results were very close, with a standard deviation of 2.30%, thus, indicating a very
good mixture homogeneity and concrete hydration over the period.

After the test, a comparison of the mean dynamic modulus of elasticity with Colombo
results [6] was carried out, as shown in Table 8, indicating an increase in the Modulus

of Elasticity.

Table 8 — Long term aging evolution of the mean dynamic modulus of elasticity

Experimental Colombo [6] Difference
results results
Mean Dynamic Modulus of Elasticity 48968 MPa 44991 MPa +8.84%
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5.2 Uniaxial compressive test

The uniaxial compressive test was carried out using a hydraulic press CONTROLS
ADVANTEST9 with a maximum loading capacity of 3000 kN and a maximum error in
the loading measure lower than 0.01 of the maximum load capacity of the press.

A comparison between the experimental results of 1-year-old (mean value from three
tests) and 10-years-old (result from one test) specimens is shown in Figure 86 by
means of nominal stress (on = P/A) versus strain curve. The results demonstrate an
increase of the compressive strength in the period of approximately 35%.
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Figure 86 — Comparison between FRC compressive strength at 1 year and 10 years.

5.3 Flexural tests
5.3.1 Bending tests experimental procedures

Three and four-point bending tests on notched beams were carried out, following
respectively EN 14651 [121] and UNI 11039 [81] standard procedures, as shown in
Figure 87.

80



—r= N
)J 777977771

777%777/
Fm%m%m#

600 600
(a) (b)

Figure 87 - Flexural test procedures: a) three-point bending test [121]; b) four-point bending test [81].

It is worth mentioning that CTOD values from 4PB tests were determined by the
average values of front and rear measurements performed by means of two LVDT’s.
CMOD values for both tests were measured with a clip gage installed in the center of
the mouth of the beam’s notch.

The tests were carried out at Politecnico di Milano - Lecco Campus - Laboratory with
an electro-mechanical press INSTRON 5867, with a loading capacity of 30 kN and a
measurement precision of + 0.4%.

Both 3PB and 4PB tests (10-year-old material) were carried out considering nine
nominally identical experimental procedures for each case. The 4PB tests (three
nominal identical experimental procedures) performed by Colombo [6] (1-year-old
material) are also described.

5.3.2 Determination of the characteristic values of the bending tests

In the case investigated, bending tests were carried out at two different ages (1 year
and 10 years) using the same material and the same standard test procedures. In this
way, Vxis supposed to be unknown at one age and known at the other. Since the tests
performed at 10 years have a larger number of specimens and, as a result, a better
statistical representation of the material mechanical behavior, Vx was supposed to be
unknown and the characteristic values were calculated using the standard deviation
directly obtained from those tests. In contrast, for the bending tests at 1 year, Vi was
supposed to be known and equal to the largest value measured at 10 years (to remain
on the safe side), which corresponds to that obtained for the 3PB tests.

This assumption was made because no discrepancies with regard to variation are
expected from one material to the other due to the aging effect. It is important to take
into account that all the beams were cast on the same day, adopting the same casting
procedure. Moreover, Eurocode [29] states that a known Vi should be used if the
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coefficient of variation or a realistic upper bound of it is held from prior knowledge. In
this case, the prior knowledge comes from the evaluation of previous tests (at 10 years)
in comparable situation (same material and same standard test procedures).

5.3.3 Bending test results from Colombo [6] at 1 year

The results of 4PB tests from Colombo [6] is shown in Figure 88 in terms of nominal
stress (on) vs. CTOD.

four-point bending test

1 year

Nominal stress [MPa]

— mEAN

0 1 2 3 4
CTOD [mm]

Figure 88 — 4PB experimental results of 1-year-old specimens [6].

The values of the peak flexural strength (fct1) and post-peak stresses at serviceability
(fr1, w=0.5 mm) and ultimate limit states (frs w=2.5 mm), together with the coefficient
of variation, are summarized in Table 9.

Table 9 - Experimental results of four-point bending tests of 1 year old specimens

Specimen n°. fetn [MPa] fr1 [MPa] frs [MPa]
1 5.73 5.70 3.65
2 5.75 5.74 3.71
3 5.75 5.04 2.88
fimean (Vx) 5.74 (0.08) 5.49 (0.17) 3.42(0.26)
fik 4.87 3.73 1.74

5.3.4 Bending test results at 10 years

Experimental results of three and four-point bending tests in terms of nominal stress
vs. crack opening displacement related to 10-year-old beams are shown in Figure 89.
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Figure 89 - Flexural tests of 10-year-old specimens: a) three-point bending test [121]; b) four-point bending test [81].

Overall nine tests were carried out for each bending test type. The values of the
maximum flexural strength (f:+7), residual strength at serviceability (fr1, CMOD=0.5
mm) and ultimate limit states (frs, CMOD=2.5 mm) from 3PB and 4PB tests,
accompanied by the standard deviations, are shown respectively in Table 10 and Table
11.

Table 10 - Experimental results of three-point bending tests of 10-year-old specimens

Specimen n° (beam fetn [MPa] fr1 [MPa] frs [MPa]
reference)
1(L1) 11.03 10.12 5.31
2(L2) 8.88 6.98 4.11
3(L3) 10.14 8.76 4.20
4 (L4) 9.88 7.23 2.91
5 (L5) 10.49 10.26 5.81
6 (L6) 9.04 6.81 2.52
7(L7) 9.33 7.20 3.93
8 (L8) 10.78 9.87 4.24
9 (L10) 9.35 8.09 3.28
fimean (st. dev.) 9.88 (0,78) 8.37 (1.42) 4.04 (1.06)
fix 8.35 5.59 1.96
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Table 11 - Experimental results of four-point bending tests of 10-year-old specimens

Specimen n° feern [MPa] fr1 [MPa] frs [MPa]
1(U1) 9.14 6.95 3.09
2 (U2) 9.56 9.38 5.33
3 (U3) 8.60 7.72 3.36
4 (U4) 8.17 7.80 412
5 (U5) 8.,09 8.02 4.07
6 (U7) 9.15 8.05 4.92
7 (U8) 8,30 7.82 4.98
8 (U9) 7.96 6.09 3.51
9 (U10) 8.27 8.33 5.37
fimean (st. dev.) 8.58 (0.56) 7.80 (0.90) 4.30 (0.87)
fik 7.48 6.02 2.59

A direct comparison of the two tests in terms of nominal stress vs. CMOD is shown in
Figure 90. To this aim, 4PB on vs. CTOD curve was shifted along the longitudinal axis
to be represented in terms of crack mouth opening displacement. A correlation,
considering a linear relation between CTOD and CMOD and assuming a linear opening
of the crack edges, was adopted (di Prisco et al, [78]). Because of the specimen
geometry, in this case, the relationship assumed is:
hyer/hytf - CTOD = 150/125- CTOD = 1.2 - CTOD, which takes into account the 3PB
test (EN 14651 [121]) geometry and a mechanism of two blocks causing a linear
opening of the crack along the ligament.
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Figure 90 - Comparison between the mean values of three and four-point bending tests.

The results demonstrate that 3PB test has a slightly higher peak load, with a more
unstable crack propagation characterized by a steeper slope in the branch immediately
after the peak. This fact can be attributed to the stress distribution between the loading
points at the 4PB test, which results in a more stable crack propagation. 3PB test has
a peak bending moment concentrated at the loading point aligned to the central load
knife (crack tip). In the case analyzed, 3PB tests lead to smaller load levels as the ratio
of the two nominal strengths (fq3ps/ fr,4r8) gives a difference of 17.6% for the same
load, as shown in Eq. 48.
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The fiber pull-out branches of the two bending tests are practically the same, with
slightly higher values for the 3PB tests. These results are in agreement with di Prisco
et al [78] previous experimental campaign with 3PB and 4PB tests considering different
fiber volume percentage and concrete mixes, which has shown very similar pull-out
strengths for the two test modalities, with a tendency for 3PB tests to give higher
values, justified by the real stress distribution in the tests.

A crucial issue related to FRC, according to di Prisco et al [78], regards the
heterogeneity of the material, which can be related to fibers orientation and distribution.
FRC heterogeneity leads to a larger scattering in material response that results in a
reduction of the characteristic values used for material classification. Even the same
material, tested according to different bending test types, could give not-negligible
differences in the standard deviation. In fact, in the experimental tests, the standard
deviation was higher on the 3PB tests in relation to 4PB tests, thus resulting in a higher
class in the latter case.

5.4 Tensile tests
5.4.1 Tensile experimental procedure

The tensile behavior of the material was studied by means of fixed-end uniaxial tensile
tests (UTT) for the 1-year-old material (see Colombo [6]) and by means of indirect
Double Edge Wedge Splitting (DEWS) test for the 10-year-old material.

DEWS tests were performed on prismatic specimens (Figure 91a) with a width of 30
mm and cut from the beams tested in bending in the longitudinal direction, as shown
in Figure 91b. The crack opening was measured with two LVDT’s (length = 50 mm)
installed on the front and rear surfaces, as shown in Figure 92a.
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Figure 91 - DEWS testing procedures: a) DEWS experimental apparatus; b) beam’s cutting planes (dimensions in mm).
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Figure 92 - DEWS experimental details: a) specimen geometry and measuring scheme; b) force diagram.

It is worth mentioning that DEWS gives the uniaxial tensile nominal stress vs. average
cracking opening, which corresponds to the assumption of a linear stress distribution
along the crack plane. In fact, it allows a direct determination of tensile stress vs. crack
opening curve in a predetermined orientation. For example, it is possible to cut off a
pre-ordained notch in the fracture plane direction and aligned to the principal fibers
orientation or in the perpendicular direction, thus, allowing the analysis of stresses in
orthotropic planes.

Another important aspect of DEWS test is the fact that the experiment induces a pure
mode | fracture state at the critical transverse section (ligament), as shown in Figure
92b. This is made possible due the application of a compressive load, such as the
Brazilian test, but, in this particular case, compressive and tensile stresses are
completely uncoupled on the ligament cross-section owing to the 45° notch ends.

2.4.2 UTT experimental results from Colombo [6]

The results of direct tensile tests from Colombo [6] are shown in Figure 93 in terms of
stress (o = P/A) vs. COD (w) curve.
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Figure 93 - Direct tensile tests of 1-year-old specimens.
5.4.3 DEWS experimental results

A total of eight specimens from three different beams were tested by means of DEWS
[83] methodology. From each beam half, obtained after the flexural tests, three DEWS
specimens were obtained (Figure 91b).

The specimens were cut in order to have for both DEWS and bending tests the same
tensile stress direction (the longitudinal direction of the beam). Considering that fibers
distribution through the beam fracture plane is not homogeneous and the beam cross-
section, according to EN 14651 [121], (125 mm x 150 mm = 18750 mm?) corresponds
to about six DEWS specimens (6 x 108 m x 30 mm = 19440 mm?), a better comparison
with the beam ligament can be obtained by averaging the DEWS results coming from
the same beam tested in bending, as shown in Figure 94. In subsection 3.3, a
comparison between DEWS results and the tensile constitutive law obtained from
flexural tests is carried out.
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Figure 94 - DEWS experimental results of 10-year-old specimens.

Some important observations coming from the comparison with direct tensile tests of
1-year-old material can be stated looking at the peak tensile strength and at the post-
peak softening behavior. In the direct tensile test, in contrary to the indirect tensile test,
the entire specimen is subjected to tension. In DEWS test, a tensile stress is induced
at the ligament by the application of an external compressive load. In addition, in the
UTT, the experiments were performed with specimens glued to fixed-end platens,
while in the second case, the specimens were free to develop in- and out of plane
rotations. The difference between the flexural stiffness due to the testing procedures
explains the relatively higher peak strength of the direct tensile test and also the bump
observed on the descending branch of the uniaxial tensile stress vs. COD curve.

According to Van Mier [122], the rotational stiffness of the specimen outside the crack
zone determines its post-peak behavior. For fixed-end tensile test procedures, a
characteristic bump occurs in the softening branch, which is largely dependent on the
bending moment produced by the entire specimen-machine system interaction during
the crack propagation. In DEWS tests, a gradual descending curve is observed, as
occurs for rotational-ends direct tensile tests, as described in Van Mier [122].
Therefore, as stated by di Prisco et al [83], due to the rotations, there will always exist
a strain gradient over DEWS ligament which has to be taken into account by making
an inverse analysis if an “exact” stress-COD relation according to fracture mechanics
concept should be identified.

The post-peak behavior of the two tests is also influenced by the crack opening
displacement control adopted in each test. In the direct tensile test, COD values
represent the averaged values of three LVDT’s placed astride the specimen (see
Colombo [6]). According to the crack opening distribution along the cross-section,
qualitatively represented in Figure 95a, these measurements refer to the maximum
crack opening available on the cross-section. On the contrary, in DEWS test, COD
values are measured at the mid-section, thus reflecting crack opening closed to mean
values, as shown in Figure 95b.
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Figure 95 - Crack opening displacement measurements: a) direct tensile test; b) indirect DEWS test.
5.5 Aging effects

Concrete aging is an important characteristic of cementitious materials, which tends to
continuously increase its strength over the years due to cement hydration process and
CSH bond strength increase. However, the improvement in concrete micromechanical
properties does not occur uniformly, since the characteristics of the microstructure of
fibers interfacial transition zone (ITZ) differs from the one of the bulk cement. As
reported by Chan et al [123], fibers ITZ are markedly weaker compared to the bulk
matrix due to the higher porosity and the formation of large CH crystals. Hence, one
can expect that the strength gain increases more in the bulk cement in relation to the
fiber-matrix interface.

In order to observe aging effect, 4PB average values of beams with 1-year-old
(Colombo [6]) and 10-year-old are compared in Figure 96.
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Figure 96 - Comparison between four-point bending tests of 1- and 10-year-old beams.

The comparison shows that the first post-peak slope of the 10-year-old material
presents a smaller plateau in relation to the younger material. The peak stress and first
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post-peak behavior have a pronounced gain in strength, demonstrating an increase in
material toughness. However, this was not true for the softening branch with large
crack openings, which shows only a small increase in the residual ULS strength (fr3 x,
w=2.5 mm). These results demonstrate that final pull-out mechanism is scantly
affected by aging.

The increase in the material toughness can also be observed from the results of the
tensile tests. Comparing the first branch of the oy vs. COD post-peak curve (0-0.5 mm)
of both direct (Figure 93) and indirect tensile tests (Figure 94), the fracture energy of
the 10-year-old material is higher in relation to the 1-year-old. It is important to point
out that a direct comparison between the two types of experiments should take into
account that DEWS tests reflect COD mean values along the ligament, while direct
tensile test measures the maximum crack opening displacement over the cross-
section. It is important to note that this difference is important mainly in the first crack
propagation.

One important conclusion is that fiber pull-out effectiveness is not reduced due to
concrete long-term aging, guarantying a structural ductile response during the whole
structure life. In contrast, if a high increase in bond strength would be observed, this
could reduce fibers efficiency, since collapse could occur due to fiber failure and not
due to fiber continuous bond slip. As a result, the structural behavior could present a
progressively embrittlement.

Test results of fiber reinforced shotcrete (FRS) round panels from Bernard [124] have
demonstrated that macro-synthetic FRS exhibited a slightly increase in the post-peak
strength without any change in the fibers resisting mechanism and in accordance with
the experimental results of this thesis. On the contrary, hooked-end steel FRS
exhibited a substantial decrease in the post-peak strength at wider crack widths due
to a progressively embrittlement with age, leading to fibers rupture.

In conclusion, FRC softening behavior seems to be much less dependent on the
contribution of the matrix and much more dependent on fiber bond properties.
Concrete peak strength is dependent on the matrix tensile strength, while concrete
post-peak strength at SLS (fr, CMOD=0.5 mm) depends largely on the matrix
properties (aggregate interlock) and much less on the fibers due to their progressive
activation before the effect of pull-out is fully developed. On the contrary, in the
softening branch of the uniaxial tensile stress vs. COD curve, fibers are fully engaged
and the concrete response depends largely on fiber bond properties, which includes
both the physical and chemical adhesion and, in case of hooked-end fibers, the
mechanical anchorage. These effects are localized and comprise a much smaller
concrete surface area in relation to the bulk matrix.

5.5.1 Material class

The characteristic value (Xk), according to Eurocode [99], was described in subsection
2.1.3 (see Eq. 21) and the material classification, according to fib Model Code 2010,
was shown in subsection 2.1.4.

According to Eurocode [99], the coefficient of variation (Vx) can be considered as
known or unknown respectively if previously determined experimental results on the
same material are available or not. In the case investigated, bending tests were carried
out in two different periods of time (1 year and 10 years) using the same material and
the same standard test procedures. In this way, Vx is supposed to be unknown in one
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period of time and known in the other. Since the tests performed at 10 years have a
larger number of specimens and, as a result, a better statistical representation of the
material mechanical behavior, Vx was supposed to be unknown. The characteristic
values were calculated using the standard deviation obtained from those tests. For the
bending tests at 1 year, Vx was supposed to be known and equal to the largest values
measured at 10 years (safe side), which corresponds to those obtained for the 3PB
tests. The characteristic values were calculated using those Vx values and Km factor
corresponding to a known Vx.

This assumption was made because no discrepancies with regard to variation are
expected from one material to another due to the aging effect. It is important to take
into account that all the beams were cast on the same day, adopting the same casting
procedure. Moreover, Eurocode [99] states that a known Vx should be used if the
coefficient of variation or a realistic upper bound of it is held from prior knowledge. In
this case, the prior knowledge comes from the evaluation of previous tests (at 10 years)
in comparable situation (same material and same standard test procedures).

If one considers the coefficient of variation obtained separately from each bending test
at 10 years, different classes of material will be attained. In this experimental campaign,
a higher class was achieved for the beams in 4PB tests. The values of Ky, together
with the classification of the materials are shown in Figure 97.
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Figure 97 - Classification of the material according to fib Model Code 2010 ( [101], [78]).

Finally, it is important to underline that a minimum ratio frsk/fr1k equal to 0.5 is accepted
in the fib Model Code 2010 [78] and, therefore, a reduction of frik is introduced if
frak/fr1k is less than 0.5.

Comparing the material evolution through the years, one can observe that the post-
peak response does not change and continues in the lower bound limit of the material
class. The better performance of the composite is solely due to the increase in the
peak strength and first post-peak stress (fr1x). This can be attributed to the
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improvements on the matrix properties because of long-term aging, rather than on
fibers bonding.

5.6 FRC tensile constitutive law

FRC constitutive law was defined according to fib Model Code 2010 ( [101], [78]). It is
important to underline that the tensile constitutive law, in terms of on vs. COD, is based
on the 4PB tests for the material at 1 year. The tensile constitutive law was compared
with direct and indirect DEWS tensile experimental results respectively at 1 year (see
Colombo [6]) and 10 years.

Figure 98a presents a comparison between the tensile constitutive law and direct
tensile test results on 1-year-old specimens. Figure 98b shows the comparison
between the constitutive law and DEWS experimental results on 10-year-old
specimens. In both cases, the tensile constitutive law is described in terms of
characteristic and design values (X; = X /vr; vr = 1.5).
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Figure 98 - Comparison between the tensile constitutive law and tensile tests: a) direct tensile test of 1-year-old
specimens; b) indirect tensile test (DEWS) of 10-year-old specimens.

It is important to remember that DEWS test type, due to the boundary conditions, has
a lower rotational stiffness in relation to fixed end direct tensile tests. In the latter case,
the crack propagation is hindered after cracking, due to the additional constrains
imposed in the specimen because of the fixed-end platens and the appearance of
bending moment reactions (see the effect in Figure 95). On the contrary, DEWS
specimens are free to develop in- and out-of-plane rotations and at the onset of
cracking, all the potential energy stored in the system is released at once though the
entire ligament, leading to a crack propagation throughout the weakest portions of the
ligament surface. As a result, a higher decrease of the first slope of the post-peak curve
is attained. The bump in the post-peak curve observed in the uniaxial tensile test is
due to the closing bending moment acting immediately after crack initiation.
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Moreover, the tensile constitutive law obtained from the 4PB tests can only be partially
correlated to DEWS on vs. COD values since the compared fracture plane area are
not the same for the two tests. In the latter case, the results of three specimens are
averaged (3 x 108 mm x 30 mm = 9720 mm?), which corresponds to only 62%
(Apews/A4ps = 9720/15750) of the beam fracture area. In this particular case, a close
correlation can be obtained with five DEWS specimens (5 x 108 mm x 30 mm = 16200
mm?).

In conclusion, it is possible to say that both tests demonstrate that the procedure
adopted to find the tensile constitutive law, based on the material classification, are
reasonable and on the safe side.

5.7 Plane section prediction

A plane section (PS) non-linear analysis was carried out taking into account the tensile
constitutive law derived from the material classification at 1 year. The choice of this
approach is due to its simplicity and reliability for determining the mechanical response
of composite structural members in bending. The hypotheses considered herein are
the Bernoulli law (plane sections remain plane after deformation) and quasi-static
monotonic loads.

Regarding the tensile constitutive law, a bilinear stress-strain relation, with a linear
elastic pre-peak followed by a linear softening post-peak, was assumed taking into
account the material class. The strain was calculated taking into account Hillerborg
[125] cohesive-fracture concept generalized by means of the characteristic length
(w=lcs'€) (Bazant and Cedolin, [126]; Barros et al, [127]; Kooiman et al, [128]; Hordjik,
[129]). In this case, according to fib Model Code 2010, the structural characteristic
length is considered equal to the beam depth (di Prisco et al, [78]). Saenz stress-strain
model was adopted for the compressive behavior.

The comparison between the predictions and 4PB tests results, considering 1- and 10-
year-old materials (Figure 99), demonstrates that the response prediction remains
always on the safe side in bending considering both characteristic and design
parameters. It is worth noting that the plane section approach does not consider any
notch effect and in the pre-peak, the PS model exhibits a lower peak strength value
since the contribution of the matrix (fet) was not taken into account in the constitutive
law.
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Figure 99 - Comparison between bending tests and numerical plane section analyses: a) 4PB results of 1-year-old

specimens; b) 3PB results of 10-year-old specimens.
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CHAPTER

Mesoscopic numerical modelling

A mesoscopic model has the advantage to incorporate concrete heterogeneous
phases, taking into account strain incompatibilities in the aggregate-cement paste
interface. As stated by Fu and Li [28], concrete thermal cracking process cannot be
numerically modeled without considering concrete heterogeneity and the introduction
of a thermo-mechanical damage model at mesoscopic level. Moreover, the different
LITS sources (chemical, physical and mechanical processes) developed in the
concrete phases (aggregates, matrix, ITZ) can be properly modeled in the mesoscopic
level.

In order to better understand transient creep phenomenon, using LITS approach, a 2D
three-phase mesoscopic analysis is carried out. It is worth mentioning that LITS strains
are originated from concrete physical-chemical transformations during the heating
process, as shown in Figure 100.

In the thesis, concrete is recognized as a heterogeneous biphasic material (aggregates
+ matrix) and LITS is described as the sum of thermochemical (matrix drying and
dehydration) and thermomechanical (microcracking, aggregate degradation and
thermal expansion restraint) strains.

Concrete thermochemical transformations develop mainly in the cement paste. In turn,
microcracking starts in the interfacial transition zone (ITZ), around the aggregates
(tangential and radial cracks) due to thermal incompatibilities with the cement paste.
At high temperatures, the diffused microcracks coalesce, creating localized
macrocracks within the matrix. The aggregate surface is also subjected to
microcracking in the early stages of heating. At elevated temperatures, according to
Hager [41], its physical-chemical structure changes, giving rise to macrocraks and an
increasingly ductile behavior.

In the numerical analyses, LITS is analyzed by uncoupling the different strain
contributions  (thermochemical and thermomechanical processes) in three
components: aggregate geomechanical properties decay with temperature increase,
matrix thermomechanical properties decay as function of temperature and the effect of
the boundary conditions on concrete (thermal expansion restraint). In this approach,
drying creep and microcracking are implicit in the model.

The numerical results are compared with Khoury [116] experimental values in order to
validate the model. A comparison between the numerical results and the proposed
LITS semi-empirical model is also performed in order to validate the model.

A parametric analysis is carried out in order to identify the most sensitive parameters,
taking into account different aggregate distributions and changes in the mechanical
properties of the concrete phases.
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The path dependence, considering preloaded and preheated specimens, as shown in
Figure 101, is studied in order to observe the influence of the thermal expansion
restraint on LITS.
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Figure 100 - Concrete physical-chemo-mechanical processes at high temperature.
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Figure 101 - Numerical analyses considering two load paths.
6.1 Mesoscale modeling

According to Kim et al [130], aggregate volume fraction and ITZ mechanical properties
are the key parameters that control the overall macroscopic concrete response and
the fracture process evolution. On one hand, the aggregate plays an important role in
crack distribution, which tends to be more localized as the aggregate volume increases
(Kim et al, [130]). On the other hand, the aggregate distribution has negligible effects
on the concrete overall mechanical response. Uniaxial tensile tests using Monte Carlo
simulation carried out by Wang et al [131] have shown that the pre-peak and the peak
stresses are insensitive to the aggregate distribution, but the post-peak curve is much
more sensitive due to microcracks coalescence and macrocracking tortuous
propagation around the aggregates.

Aggregate size distribution can be obtained by applying the Fuller curve for 3D models
or the cumulative distribution function derived in Walraven [132] for 2D models.

Aggregate spatial distribution can be simulated with two distinct methods, i.e., the
“take-and-place” and the “divide-and-fill” methods. In the former case, the aggregates
are distributed within the matrix from the largest to the smallest ones following the
sieving curve (De Schutter et al, [133]). The latter method divided the model into
separated areas, filling them with aggregates according to a predefined grading curve.

Aggregate placing can follow, for example, Bazant [134] procedure, which consists in
a normal random generation of particle coordinates, rejecting the overlapping ones
(aggregate collision). More refined methods adopt, for example, the Monte Carlo
simulation (Wrigger and Moftah [135]; Wang et al, [136]; Wang et al, [131]). In any
case, a proper representative volume element (RVE) should be adopted in order to
accurately represent concrete microstructure without changing its macroscopic
properties.

Aggregate shape can assume circular, quadrangular or polygonal forms. Circular
aggregates tend to give a higher strength compared to irregular ones, which are prone
to stress concentrations on the edges (Kim et al, [130]; Wang et al, [131]). Besides, as
stated by Kim et al [130], a small difference in the predictions of the overall tensile
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strength and strain capacity was observed in the numerical analyses with different
shapes of aggregates.

The ITZ, according to Kim et al [130], is highly heterogeneous and highly damaged
due to pre-existing voids and microcracks and, hence, it is very important to properly
define its tensile and compressive behavior. As the strength increases, more cracks
are propagated through the matrix, resulting in a more brittle behavior and a linear
increase of concrete ultimate tensile strength. Grondin et al [137] demonstrated by 2D
three-phase mesoscopic analyses that, when the ITZ has the same tensile strength of
the matrix, the results are closer to the macroscopic experimental tests and, when the
ITZ has a lower tensile strength compared to the matrix, the results are closer to the
microscopic inspection tests.

The ITZ cracking evolution can be modelled by diffuse (smeared crack) or localized
(cohesive and discrete crack) models. Cohesive zone modelling imposes major
challenges to properly determine the associated material parameters, which are highly
dependent of the experimental data of ITZ traction-separation behavior.

It is worth mentioning that ITZ thickness varies from 0.2mm to 0.8mm and increasing
the thickness in this range may have no effect to the global concrete strength (Kim et
al, [130]).

6.2 Numerical modelling description

A 2D three-phase axisymmetric mesoscopic analysis was performed using Abaqus
software, where the ITZ corresponds to the interfacial transition zone between the
aggregates and the matrix, the inclusions represent the coarse aggregates and the
matrix represents the cement paste with fine aggregates. The aim is to observe the
contribution of each concrete phase to LITS. The results are compared with
experimental data from Khoury [116]. Concrete mix design and aggregate size
distribution are shown respectively in Table 12 and Table 13.

Table 12 — Concrete mix design

fine coarse cement fe
aggr./cement | aggr./cement | (kg/m3) (MPa)
Khoury [116] 1.8 2.7 415 61

Table 13 — Aggregate size distribution [116]

Aggregate type Unit Content
coarse (max. 10 mm) kg/m3 1120
sand kg/m3 750

A Matlab algorithm was developed for the aggregate placing taking into account the
“take and place” method. The model adopts circular aggregate shape and a normal
random distribution as described in Bazant [134]. From Table 13, aggregate size
distribution was calculated according to a cumulative distribution function (Pc)
(Walraven, [132]), as shown in Eq. 49, where: D; is the aggregate diameter in mm; Dmax
is the maximum aggregate diameter in mm; and P is the ratio of the total weight of
aggregates and concrete weight.
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From the aggregate size distribution (Eq. 49), aggregate numbering (Table 14) was
determined according to Eq. 50, where: AP, is the aggregate volume fraction referred
to the aggregate diameter; Acis the bulk concrete area; and Aaggriis the area of the
referred aggregate. Aggregates smaller than 1 mm are considered implicitly in the
matrix.

Cc

50
Aaggr,i ( )

Table 14 - Aggregate numbering

D(mm) Number D(mm) Number
1 912 6 4
2 66 7 2
3 24 8 2
4 11 9 1
5 6 10 0

The aggregate placing takes into account the “wall effect”, i.e., all aggregates located
outside or on the specimen boundaries are relocated within the concrete volume limits,
as shown in Figure 102. In order to avoid internal overlapping, new coordinate pairs
were generated in case of aggregate collision.

O O "wall e_}f}fect"
O F

Figure 102 — Aggregate placement.

An ITZ thickness of 0.1 mm was adopted, while the minimum distance between the
centers of two aggregates was defined as 1.25(D5+Dp)/2.

The numerical model dimensions, including aggregate distribution and monitoring
points, are shown in Figure 103.
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Figure 103 — Abaqus 2D mesoscopic model.

6.3 Concrete thermomechanical properties

The greatest challenge undergone in the numerical analyses was the appropriate
definition of the aggregate mechanical parameters, since a large variability among and
within the different types of aggregates (limestone, siliceous, basalt, recycled,
lightweight) is found in literature. It is important to underline that aggregate mechanical
properties decay due to high temperature have a direct effect on LITS behavior,
especially LITS acceleration beyond 400°C due to aggregate physical-chemical
transformations (Sygata et al, [118] and JianPing et al, [138]).

The numerical model adopts a bilinear elasto-brittle behavior for the aggregate with a
progressive thermomechanical decay. The geomechanical properties were based on
Sygala et al [118] taking into account the aggregate type (basalt rocks). In this case,
the strength was kept constant up to 400°C, while the Young’'s Modulus decreased
with temperature in order to represent aggregate softening behavior.

For both the matrix and the ITZ, an elasto-perfectly plastic constitutive law in uniaxial
compression was adopted. The mechanical properties of concrete phases are shown
in Table 15.
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Table 15 — Thermomechanical properties of concrete phases

° E fe Eu fe O, aggregates
phase  T(°C) Gpa) | (MPa) (MPa) | * e
20°C 35 50 | 00035 4 \
i 200°C | 2979 | 45 | 0.004 | 3.4 g P\
400°C = 17.50 39 0.005 2 gir|
600°C 7 19 70.006 06 na s
20°C 80 200 | 0.005 17 :
aggregate |-200°C_ 70 200 1 0.0075 17 7
400°C |55 200 0.01 12 WA
600°C 20 120 0.01 4 e
20°C 27 40 | 0.0035 3.4 ;1 et
200°C 23 38170004 | 2.89
ITZ 400°C | 1350 | 30 | 0005 | 16 G,
600°C 54 14 0.006 051 e

Due to the lack of more precise values, a constant fracture energy in uniaxial tension
equal to 0.1 N/mm was adopted for the concrete phases. This assumption does not
have any impact to the global results, since the cracking strains are very small
compared to the total deformation and the crack opening is restrained by the sustained
compressive load. Concrete residual properties were based on (Menou et al, [139];
Noumowé et al, [140]; Odelson et al, [141]; and Kim et al [130]).

As stated by Fu [142], no satisfactory model can be used to simulate the thermal
cracking process in the heated concrete due to the complexity of the material structure.
For example, the introduction of a cohesive crack model needs the implementation of
interface elements in the matrix continuum or other complex strategies such as
cohesive segments techniques as described in Pérez et al [143] and Remmers et al
[144]. Hence, the numerical modeling did not take into account a specific crack model
and itis based on Abaqus concrete damaged plasticity (parameters are shown in Table
16).

Table 16 — Abaqus concrete damaged plasticity parameters

dilation | eccentricity foolfco K viscosity
angle parameter
38 1 1.12 0.6 0

This simplification has limited effects on LITS global numerical results, since, in this
particular case, the specimen is subjected to a uniaxial compressive stress state and
the total deformation, induced by the boundary conditions (temperature and
compressive load), is much higher in relation to the cracking strains. The most
important phenomena to be properly modeled are the thermal mismatch due to matrix-
aggregate different coefficients of thermal expansion and the thermomechanical
properties decay, which is mostly related to the strength decay and the damage
evolution of the different concrete phases. These effects can be modeled with good
accuracy using concrete plasticity model.

The thermal properties and density of the different concrete phases are shown in Table
17, while the coefficient of thermal expansion (CTE) as function of temperature is
shown in Table 18. Aggregate, matrix and ITZ thermal strains, according to their
respectively coefficient of thermal expansion, are shown in Figure 104.
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Table 17 — Concrete phases thermal properties

Concrete | conductivity specific heat Density
phase (N'mm/(mm*C) | (N'mms/(kg*C) | (kg/mm?3)
matrix 2 1.17 x 108 1.92 x 10°®

ITZ 2 1.17 x 108 1.92 x 10°®
aggregate 4 1.17 x 108 2.60 x 10°®

Stefan Boltzmann constant (J*m2*s"*k#): 5.67*10¢8

Table 18 — Coefficient of thermal expansion

o CTE (x10)
T(°C) aggregate matrix ITZ
20 1.3x10° 5x10-8 5x108
600 3.9x10°° -5x108 -5x108
0.03
0.02
0.01
.g 0
@ 0 260 \.4'00 600
-0.01 T[°C]
-0.02 matrix and ITZ
aggregates
-0.03 —

Figure 104 — Concrete phases (aggregate, matrix and ITZ) thermal strains.

A 4-node axisymmetric (CAX4T) FE mesh with coupled temperature-displacement with
a global size of approximately 0.8 mm was adopted.

6.4 Numerical results

The numerical investigation includes a parametric study to observe the sensitivity of
the model to different parameters, an analysis of the different strain contributions to
LITS and the path dependence (load path). A comparison between the numerical
results and the proposed LITS semi-empirical model is also carried out in order to
validate the model.

It is important to underline that concrete thermo-elasto-plastic behavior was
determined based on estimated values due to the lack of information about the
thermomechanical properties of Khoury [116] tested specimens. Hence, a better
approximation between experimental and numerical global macroscale values are
expected in relation to the mesoscale uncoupled strain results.

Moreover, the numerical model does not assume an explicit cracking model (complete
separation of the aggregate-matrix interfacial transition zone), neither takes into
account the fluid transport phenomena. As a result, cracking strain and drying creep
are considered implicitly in the model.
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6.4.1 Parametric analysis

Overall 11 numerical analyses were carried out considering different aggregate
distributions and different variations on the mechanical properties of the concrete
phases, as described in Table 19. In all cases, the load level was equivalent to 0.2fc.

Table 19 - Description of the numerical analyses

phase condition n° models
random aggregate generation - - 5
ITZ = matrix 1
Tz ITZ > matrix 1
mechanical properties : +25% 1
variation (f, i, E) matrix - 25% 1
aggregate +25% !
g99reg - 25% 1

A comparison between the numerical analyses and the experimental results from
Khoury [116] in terms of total strains - ¢°(T) - minus the initial elastic one -
g®Y(T = 20°C) = ¢ /E, -, considering five different aggregate random distributions and
three load levels (0.1f, 0.2f;, 0.3-f;) are shown in Figure 105a, together with the
coefficient of variation (CoV). A good agreement between experimental and numerical
values was obtained. The highest coefficient of variation was found for specimens
loaded at 0.1-fc (CoV > 64%) and the smallest ones were obtained for unloaded and
loaded specimens at 0.3-f: (CoV < 20%).

If the results are compared in terms of LITS, as shown in Figure 105b, the CoV
decreases significantly. For an equivalent load of 0.1f;, the CoV was smaller than 20%,
while for higher load levels, the CoV remained below 10%. Hence, the high scattering
observed in the total strain values due to different aggregate distributions had a small
impact on LITS results.

o cov (%) . CoV (%)
re) FTS 0,1y, 0,2.f¢ 0,3.fc e 0.1f", 0,2.f'c 0,3.f'c
100 .64 7716 -25.93 -9.25 100 -14.56 -2.83 -2.51
200 1048  BR.95 4345 1472 200  -1564  -4.14  -4.00
300 1183 70.41  -59.17  -16.08 300 1306 -476  -5.21
400 1203 5441  -53.30  -15.58 400  -1026 -473 575
0.008 500 1206 9556  -29.97  -12.05 0 500 646  -3.59  -287
FTS
0.004 —
o 0,11, &l
8 0 2
& o -0.008
3
v 0.004 0.2f
- Murmerical i -0.012 Numerical
Expearimantal Experimental
-0.008
0 200 400 600 0 200 400 600
T[°C] T[°C]
(a) (b)

Figure 105 - Comparison between experimental [116] and numerical results for different aggregate distributions: a)
total strain minus initial elastic one at 20°C versus temperature; b) LITS versus temperature.
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A comparison considering variations on the mechanical properties of the aggregates,
matrix or ITZ in terms both of total strains minus the initial elastic one at 20°C and LITS
are shown respectively in Figure 106 and Figure 107. The reference is the same
numerical model with the same aggregate distribution before the variation of concrete
mechanical properties. On one hand, changes in the mechanical properties of the ITZ
(increase in the strength and Elastic Modulus respectively by +25% and +56%
compared to the reference model) lead to a comparable increase in the total strains,
as shown in Figure 106a. On the other hand, LITS results were scantly affected, as
shown in Figure 107a.

The highest sensitivity was observed in the total strains due to changes in the matrix
and aggregate mechanical properties. In these two cases, a variation of £25% in the
mechanical properties led to a difference higher than 40% in the total strain, reaching
70% in the case of the aggregates (Figure 106b) and 109% in the case of the matrix
(Figure 106c). On the contrary, in both cases, LITS scattering remained relatively small
(less than 10%), as shown in Figure 107b and Figure 107c.

Ty 2= matrix 112> matrix T°C) 5% | 425% T°C)  -25%  +25%
(+25%) (+56%) 100 30% -16% 100 62% ~T0%
100 2% -31% 200 43% -28% 200 £5% -B6%
200 -15% -50% 300 70% -44% 300 95%  -109%
300 -26% -67% 400 62% -42% 400 83% 5%
400 -22% -50% 500 41% -25% 500 42% -41%
500 9% 20% 0 -
0
0
= -
= -0.001 5 0 5 000
9 & o
2 5 8
1l ~—
£ 0.002 g, 000 £ -0002
% 5 : ]
i ) 2 -
=, reference (matrix > ITZ) 1 W numerical u’ —_— reference
-0.003 G-6-0 ITZ +25% (matrix = 1TZ) -0.003 G-E-€ aggr strength +25% ¥ _0.003 @-5-5) matrix strength +25%
O-E8-8 1TZ +56% (matrix < T2) G858 aggr strength -25% GHEHE) matrx sirength -25%
0 200 400 600 0 200 400 600 0 200 400 800
T[°Cl TI°Cl T [°C]
(a) (b) (c)

Figure 106 - Numerical results in terms of total strain minus the initial elastic one at 20°C versus temperature for a load
level of 0.2'f.:and different mechanical properties: a) ITZ; b) aggregate; c) matrix.

Ty T = matrix IT2>matrix T(°C) 5% | +25% T°C)  -25% | +25%
(+25%) (+56%) 100 4% -2% 100 7% -8%
100 0% -4% 200 6% 7%
200 -1% -d%, 300 6% -T%
300 -2% -4% 400 6% 7%
400 -2% -4% 500 7% %
500 -2% -3% 0 0
]
-0.002 -0.002 -0.002
= -0.004 = T -0.004
) E -0.004 E
= -0.006 = = -0.006 .
; 0008 | aas e
-0.008 reference (matrix > ITZ) S—fr, reference -0.008 At reference
G5 ITZ +25% (malrix = ITZ) =22 aggr. strength +25% (@=2=€) malrix strength +25%
EHE-E] ITZ #56% (malrix < 1TZ) [E-E-E aggr. strength -25% EHE-E] matrix strength -25%
-0.01 -0.008 -0.01
0 200 400 600 0 200 400 600 0 200 400 600
Trcl T[C] T[Cl
(a) (b) (c)
Figure 107- LITS results for a load level of 0.2'f. and considering different mechanical properties: a) ITZ; b) aggregate;

c) matrix.
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In all these cases, the free thermal strain (FTS) had a negligible variation, as shown in
Figure 108, since the thermal stresses (self-equilibrated) developed in the concrete
during heating remained in the elastic limit (Figure 109a). In contrast, loaded
specimens have shown high stress levels (Figure 109b to Figure 109d) with
progressively more damage in the matrix as the stress level increases. For an
equivalent load of 0.3-f;, high localized stresses in the aggregates were developed due
to the confinement effect imposed by both the compressive load and the thermal
incompatibilities between aggregate expansion and matrix shrinkage.

0.006

reference
EFH=E1 matnix +25%
G20 matrix -25%
LA aggr +25%
=5 aggr-25%
Bl ITZ=matrix
09 |TZ>matrix

0.004

0.002 —

Free thermal strain [-]

0 200 400 600
T[°C]

Figure 108 - FTS curves of the numerical analyses.
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Figure 109 — Specimens stress distribution: a) unloaded; b) loaded at 0.1'f; c) loaded at 0.2'f;; d) loaded at 0.3 f.

In conclusion, it is possible to state that variations on the mechanical properties of the
concrete phases lead to a much higher scattering on the total strain values in relation
to LITS. Moreover, both the matrix and the aggregates had the most sensitive response
to variations on their mechanical properties in relation to the ITZ, which has shown the
smallest variability.

6.4.2 LITS strain components

The aim is to uncouple LITS into three main components by means of a 2D three-
phase mesoscopic analysis, as described in Eq. 51, where: LITS,,, is the effect on
LITS of aggregate geomechanical properties decrease as function of temperature;
LITS,,4: is the effect on LITS of matrix thermomechanical properties decrease as
function of temperature; LITS,, is the effect of the boundary conditions on concrete
which imposes a thermal expansion restraint due to the application of a sustained
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compressive load, neglecting any effect of the temperature on the matrix and
aggregates.

LITS = LITS 45 + LITS g + LITS), (51)

agg

The aggregates (basalt, siliceous and calcareous), up to 600°C, do not exhibit a
significant strength decay. However, due to physical-chemical changes in their
microstructure, their behavior becomes increasingly ductile. In the numerical model,
the softening behavior is modeled considering a decrease in the Modulus of Elasticity
with the temperature and a strength decay above 400°C. In fact, the Modulus of
Elasticity experiences a large decline between 400°C and 600°C, as described by
Takarli et al [145] and Sygata et al [146].

In order to determine the aggregate and the matrix contributions to LITS, two
independent analyses were carried out for each case, considering respectively the
mechanical properties of the aggregate and the matrix dependent or independent on
the temperature. By the difference between these two numerical results, the aggregate
(LITSagg) and matrix (LITSmat) contributions to LITS were quantified. In Figure 110a, it
is possible to observe the increase in the total strain due to aggregate
thermomechanical decay, while in Figure 110b, LITS acceleration due to aggregate
increasingly ductile behavior is clearly demonstrated.

0.001 — aggregate mech. prop. 0
invariable with temp.

0 -0.002 —

aggregate mech. prop.
invariable with temp.

aggregate mech. prop.
variable with temp.

-0.001 -0.004

aggregate mech. prop.

¢ (T=20°C) [-]
Specific LITS [1/MPa]

5. -0.002 aggregate -0.006 — variable with temp.
9; softening \ LTS
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-0.003 . -0.008 Experimental acce
Expern@rlal — Numerical
= Numerica i
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Figure 110 - Comparison between numerical and experimental [106] results for an equivalent load of 0.2.f;: a) total
strain minus the initial elastic one at 20°C versus temperature; b) LITS versus temperature.

The contribution of concrete thermal expansion restraint to LITS (LITSec) was
determined by the difference between the numerical results in unloaded and loaded
specimens, considering concrete mechanical properties independent of the
temperature. In this approach, the effects of concrete softening behavior
(thermomechanical decay) can be disregarded and the confinement behavior imposed
by the boundary conditions can be isolated.

It is important to underline that changes in the mechanical properties of one concrete
phase influences the overall behavior of the bulk concrete due to stress redistributions.
Moreover, as the temperature increases, concrete behavior becomes increasingly
inelastic (visco-plastic deformation). Hence, this method can lead to an overestimation
of the total strain values. In order to check the reliability of this approach, the uncoupled
LITS strains were added and compared to the results of the reference model. The
reference is the same numerical model with the same aggregate distribution before the
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variation of concrete mechanical properties. Table 20 shows the values of the
uncoupled strains and the total strains for different load levels. LITS values correspond
to the reference model and to the sum of the uncoupled strains.

Table 20 - LITS normalized numerical values: uncoupled and total strain values for different load levels

T(°C) 1oad LITSbe LITSagq LITSmat (::‘Tns:) (ref';'rz o)
0.1f 0.078 0.0005 0.005 0.083 0.084
100 0.2f 0.078 0.001 0.004 0.084 0.084
0.3f 0.068 0.0016 0.007 0.073 0.076
0.1% 0.192 0.002 0.017 0.210 0.212
200 0.2f 0.188 0.005 0.015 0.205 0.207
0.3f 0.160 0.005 0.015 0.176 0.180
0.1f 0.329 0.009 0.050 0.386 0.388
300 0.2 0.320 0.012 0.044 0.371 0.376
0.3f 0.272 0.013 0.041 0.318 0.326
0.1% 0.490 0.028 0.112 0.633 0.630
400 0.2 0.483 0.031 0.097 0.605 0.611
0.3f 0.413 0.037 0.089 0.536 0.540
0.1f 0.679 0.095 0.225 1.028 1
500 0.2 0.680 0.114 0.206 1.013 1
0.3f 0.589 0.219 0.192 1.106 1

From the results, it is possible to observe that, at 500°C, there is an overestimation of
about 10% of LITS for an equivalent load of 0.3-%. In spite of that, up to 400°C, the
values of the sum of the uncoupled strains are very close to the LITS reference values.
LITS uncoupled strains, normalized with respect to the peak LITS value at 500°C, are
shown in Figure 111.
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Figure 111 - Uncoupled normalized LITS for an equivalent load of 0.2'f..

The normalized uncoupled LITS contributions due to aggregate performance on
temperature - LITSagg (LITS,4,/LITS(400°C)) -, matrix performance on the
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temperature - LITSmat (LITS,,4:/LITS(400°C)) — and the effects of the boundary
conditions - LITSoc (LITS,./LITS(400°C)) - are shown respectively in Figure 112a,
Figure 112b and Figure 112c.
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Figure 112 - Comparison of normalized LITS contributions for different load levels a) aggregate contribution to LITS
(LITS.g0); b) matrix contribution to LITS (LITSma); ¢) thermal expansion restraint contribution to LITS (LITSg).

The results demonstrate that, for this type of concrete, the thermal expansion restraint
(LITSkc) is responsible for the largest contribution to LITS, followed respectively by the
matrix (LITSmat) and aggregate (LITSagg) contributions. These results are in agreement
with Mindeguia et al [69] conclusions, which state that the physical origins of transient
creep, up to 400°C, are mainly the result of drying and dehydration processes, and,
after that, increasingly due to concrete thermomechanical damage. According to
Mindeguia et al [69], below 300°C, transient creep is mainly the result of thermo-hygral
process and the nature of the aggregate does not influence transient creep behavior.
Above 300°C, the effect of aggregates begins to appear as a thermomechanical
process. In fact, analyzing the numerical results (Figure 111), one can notice that the
contribution of the aggregates to LITS is not relevant up to 400°C. After that, its
contribution increases exponentially.

Furthermore, the impact of the thermal expansion restraint imposed by the boundary
conditions (uniaxial compressive stress state) is highly relevant both to the total strain
and to LITS. In the numerical case analyzed, it has the largest contribution to LITS.

Another important observation is that LITS can be considered linearly dependent of
the stress level, despite the small variations observed in the numerical and
experimental results, as shown in Figure 113.
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Figure 113 - LITS in terms of specific values for different load levels: a) numerical results; b) experimental results.

6.4.3 Comparison between the numerical results and the proposed semi-
empirical model prediction

A comparison between numerical results the proposed LITS semi-empirical model
prediction was carried out in order to validate the model. The results were compared
in terms of LITS and with respect to thermomechanical and thermochemical strains.

In the proposed model, the thermomechanical (LITS;,, = Bim X qtm(T) X ) and
thermochemical (LITS;. = B:c X q:(T) X o) strain components are uncoupled. The
latter corresponds to concrete drying and dehydration, while the former corresponds
to the contributions of the aggregate degradation, microcracking and thermal
expansion restraint. Drying creep is implicit in the model, since it does take into account
explicitly concrete moisture content.

In the numerical analyses, LITS was uncoupled into LITSagg, LITSmat and LITSkc (see
Figure 111). The thermomechanical strain was determined by adding the contributions
to LITS of the aggregate and the thermal expansion restraint (LITS;,, = LITS,4, +
LITS,., while the thermochemical strain was considered equal to the matrix
contribution to LITS (LITS;. = LITS4¢)-

Figure 114a and Figure 114b show respectively a comparison between the numerical
and the proposed model results in terms of LITS and normalized LITS with respect to
the peak value at 500°C. In the former case, the proposed model prediction is in good
agreement with the numerical results. In the latter case, both curves show a simple
juxtaposition, indicating that, in this case, the proposed model is able to predict with
high accuracy LITS evolution.
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Figure 114 - Comparison between the proposed model and the numerical results: a) LITS values; b) normalized LITS
values.

A comparison between numerical and predicted model results in terms of
thermomechanical and thermochemical strains is important to validate the proposed
semi-empirical model predictions. The results of both cases in terms of normalized
LITS(500°C) are shown respectively in Figure 115a and Figure 115b, demonstrating
that the semi-empirical model solution has a good correlation with the numerical
values. It is important to remember that the thermomechanical properties of the
numerical model were determined based on estimated values from the literature and,
thus, the results do not reflect with high accuracy the real material response.
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Figure 115 - Comparison between numerical results and model prediction in terms of normalized LITS versus
temperature for an equivalent load of 0.2'f.: a) thermomechanical strain; b) thermochemical strain.

From the numerical results, it is also possible to derive the constitutive equations of
LITSagg and LITSke. In this way, in the LITS semi-empirical model, the
thermomechanical strain (LITStm) can be described as the sum of two compliance
functions dependent on the temperature, as shown in Eq. 52, where: Jiirs:agg = LITS
aggregate compliance function; J.irs:oc = boundary condition LITS compliance function;
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Qagg(T) = aggregate LITS exponential function, as shown in Eq. 53; and quc(T) =
boundary condition LITS power function, as shown in Eq. 54.

LITStm = (]LITS,agg +]LITS,bc) X0 = (Btm X (Qagg(T) + qbc(T)) Xa (52)
Qagg(T) = exp(T°**)-0.055° (53)
qpe(T) = 9.575 . T146 (54)

Figure 116 shows a comparison between numerical results and the proposed model
prediction in terms of the contribution of the aggregate and the thermal expansion
restraint to LITS, considering their specific values (LITS per unit stress).
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Figure 116 — Comparison between numerical and proposed model results: a) aggregate contribution (LITS,4); b)
thermal expansion restraint contribution (LITS.).

Figure 117 shows a comparison between numerical results and the proposed model
prediction results in terms of thermomechanical strain and LITS specific values, where:

Jurs,em = Jursagg + Jurspe @A Jurs = Jursagg + Jurspe + Juirs e
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Figure 117 - Comparison between numerical and proposed model results: a) thermomechanical strain; b) LITS.

It is important to mention that the equations above (Eq. 53 and Eq. 54) were derived
considering just one type of concrete. Further analyses should be carried out with
different concrete mixtures in order to validate these equations for other concrete
mixtures.

6.4.4 Path dependence

LITS considers transient thermal conditions and it is determined in preloaded
specimens or pre-heated ones when the load is applied at a certain temperature level.
It is worth mentioning that LITS behavior is quasi-instantaneous and continues after
temperature stabilization due to concrete physical-chemical transformations (Khoury,
[116]).

LITS in pre-heated specimens was analyzed by Mindeguia et al [69]. From the
experimental results (Figure 118), it is possible to observe that the total strain is
affected by preheating.

0.003 — pre-heat at 300°C
pre-heat at 80°
—— preloaded
— FTS
__0.002
c
.E _
»
0.001
0
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Figure 118 - Total strains from the experimental tests of [69] for preloaded and pre-heated specimens.
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In order to better understand the effects of concrete preheating, twelve numerical
analyses were carried out adopting the same mesoscopic model of the previous
studies. In this case four different temperatures (100°C, 200°C, 300°C, 400°C) and
three load levels (0.1-f;, 0.2f, 0.3-f;,) were considered.

The comparison between preloaded (20°C) and preheated (100°C, 200°C, 300°C,
400°C) specimens, in terms of total strain (¢°) minus the initial elastic one at 20°C -
£®(T = 20°C) - versus temperature, is shown in Figure 119.

0.006 0.006 0.006 _
Load=0,1f", Load=0,21", P Load=0,31", //
— / ~— 0.004 0.004 s
= S - F1s .~ = FTS -
o 004 FTS / T T
o 4 g O o002
=] / g oo £
rd I o
n e )
= L 0
. 002 400°C 'a" i} ;"
% /,/ e NC % > | ooz
e N\ 200°C 0.002 b
P 100°C
. 0,004
o 20C
1] 200 400 600 0 200 400 600 [+] 200 400 G00
Tr'el TrC) TrC

(a) (b) (b)
Figure 119 - Numerical results of preloaded and preheated specimens for different load levels in terms of total strain
minus the initial elastic one at 20°C versus temperature: (a) 0.1-fc; (b) 0.2'fc; (c) 0.3-fc.

It is important to mention that the preloaded specimen is subjected to both thermal
(self-equilibrated) and mechanical (compressive load) stresses from the beginning of
the heating process, which induces thermomechanical damage and stresses
redistribution within the bulk concrete. In contrast, preheated specimens are subjected
only to thermal stresses before the application of the load, which restricts the total
damaged area. As a result, immediately after the application of the load, the preheated
specimens, on one side, show relatively lower internal stress values in relation to the
preloaded one, and, on the other side, they are prone to higher damage as the
temperature rises. Table 21 shows the maximum and minimum principal stresses of
both preloaded and preheated specimens at different temperatures. It is possible to
observe that the internal stresses (max./min.) of preheated specimens are lower in
relation to the preloaded one immediately after loading, with a tendency of
convergence at the maximum temperature analyzed (540°C).

Table 21 - Maximum and minimum principal stresses (MPa) for preloaded and preheated specimens at different
temperatures and an equivalent load of 0.2-f,

pre-heated
o unloaded | preloaded
T(°C) 100°C 200°C 300°C 400°C

120 17 /-50 16 /-111 16 /-87 - - -
220 17/-75 17/-192 | 17/-171 16 /-99 - -
320 14 /-84 14/-240 | 14/-229 | 14/-195 | 14/-112 -
420 12/-76 12/-260 | 12/-257 | 12/-236 | 11/-196 | 11/-108
540 6/-49 6/-230 6/-226 6/-216 6/-197 6/-168

In order to quantitatively analyze the effect of the thermal expansion restraint in
preloaded and preheated specimens, the effect of the boundary conditions - LITS,, -
(see Table 20), at the moment of the application of the load, was added to the total
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strain values on preheated specimens. The comparison of the results both in terms of
total strains (¢¢) minus the initial elastic one at 20°C - % (T = 20°C) - and LITS,
considering two load levels, are shown respectively in Figure 120 and Figure 121.
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Figure 120 - Total strain minus the initial elastic one at 20°C and including the effect of the boundary conditions
(LITSy.) for preloaded and pre-heated specimens for different load levels: a) 0.1-f;; b) 0.2-f; c) 0.3f..
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Figure 121 — LITS values including the effect of the boundary conditions (LITS,) for preloaded and pre-heated
specimens for different load levels: a) 0.1f; b) 0.2f; c) 0.3f..

From the results, it is possible to observe that the difference among LITS values from
preloaded and preheated specimens seems to be due to the thermal expansion
restraint imposed by the boundary conditions, which occurs at the structural level and,
hence, it is not related to an intrinsic property of the material. As a result, one can
conclude that, contrary to LITS, transient creep is not affected by the load path (pre-
heating), since it is function of concrete physical-chemical transformations (aggregate
degradation, concrete drying and cement paste dehydration) at the material level due
to the high temperature exposure.

In conclusion, the mesoscopic analyses demonstrated that the numerical modeling can
predict accurately concrete behavior of preloaded and preheated specimens. In the
latter case, immediately after loading, the specimen shows a higher potential energy
in relation to the preloaded one due to the relatively lower damage in the bulk concrete.
Moreover, the difference between LITS values from preloaded and preheated
specimens seems to be result of the thermal expansion restraint imposed by the
boundary conditions at the structural level.
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CHAPTER

Creep tests at high temperature

The hot tests were carried out at Politecnico di Milano - Lecco Campus — Laboratory
using an electrical oven. The main objective is to analyze SFRC transient creep (during
heating) and basic creep (after heating, at constant temperature).

The 11.5-year-old cylindrical specimens of 75 mm x 100 mm were cored from Colombo
FRC beams [6] with a handheld drill after the mechanical characterization of the
material. Table 22 shows the reference of the cylindrical specimens to the original
beams (see Table 10 and Table 11).

Table 22 — Specimens reference to the original beams.

specimen beam specimen beam
reference reference reference reference
PL-20-200-1 U4 PH-20-200-1 U3
PL-20-200-2 U5 PH-20-200-2 U1
Transient PL-40-200-1 U7 Constant PH-40-200-1 U3
temperature | PL-40-200-2 L1 temperature PH-40-200-2 -
PL-20-400-1 U6 PH-20-400-1 u10
PL-20-400-2 U7 PH-20-400-2 -
PL-40-400-1 U5 PH-40-400-1 U6
PL-40-400-2 u10 PH-40-400-2 -

The nomenclature adopted for the specimens used in the experimental tests is
described below:

PX - Yf, —Z00 - N
oo b

Load path: Load level: Temp.level: Repetfition
preloaded (PL) 021, 4(T)(20) 200°C (200) (1-2)
pre-heated (PH) Q.41 5(T)(40) 400°C (400)

7.1 Experimental procedure

The experimental procedure is shown in Figure 122 and considered two different
temperatures (200°C and 400°C), two different load levels — 0.2:f; 2s(T) and 0.4-f; 25(T)
- and two load paths (preload and pre-heat), where: fc28(T) = residual compressive
strength at 28 days. Concrete mechanical properties at 28 days were obtained from
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Colombo [6], assuming that concrete residual strength is equal to the one at hot
condition.

T(°C) |—temperature
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= -pre-heated (2)
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Figure 122 — Experimental procedure considering different load paths, temperatures and load levels.

Overall 16 tests were performed, according to Table 23.

Table 23 — Description of the tests procedure

test 1 — preloaded test 2 — preloaded test 3 — pre-heated test 4 — pre-heated
(x2) (x2) (x2) (x2)
temp. load level | temp. | load level temp. load level temp. load level
0.2fc28(T) 0.2fc28(T) 0.2fc28(T) 0.2c,28(T)
o =13 MPa R =12 MPa o =13 MPa R =12 MPa
200°C 0 2teas(m) | 400°C [0atezsm | 2%0C [04fsm | *90C 04T
~26 MPa ~24 MPa =26 MPa ~24 MPa

The strain under sustained load was measured during the heating phase in preloaded
specimens and at constant temperature in preloaded and pre-heated specimens.

Transient creep tests were carried out with a heating rate of 5°C/min. Basic creep
(creep at constant temperature) tests in pre-heated specimens started after 3 hours of
the temperature stabilization in order to guarantee a uniform temperature distribution
inside the specimen. This procedure prevents the coupling behavior between basic
creep and transient creep, which continues even after temperature stabilization, until
all concrete physical-chemical reactions are completed.

The free thermal strain (FTS) was measured during the heating phase in unloaded
specimens. LITS was determined by the difference between the total strain during
heating in preloaded specimens and the free thermal strain, disregarding the initial
elastic deformation. Basic creep was determined by the difference between the total
strain and the free thermal strain at constant temperature, excluding the initial elastic
deformation.
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Concrete displacements (e¢) were determined from the experimental results after
removing the effect of the test setup on the specimen. In this case, the total
displacement measured from three LVDT’s included both the displacements of
concrete and steel rods (see Figure 123). Concrete total strain (¢¢) was calculated
according to Eq. 55, where: §; = total displacement measured with the LVDT’s; §, =
steel rod displacement, calculated according to Eq. 56; h. = height of the specimen;
P = applied load; I, = length of the two steel rods; A; = cross-sectional area of the
steel rod; E; = steel Elastic Modulus.

6t - 65 (55)
E = A
c
P x (56)
5, =
Ag X E;

7.2 Test set-up

The experimental device is shown in Figure 123. The load system consists in a
compressor that provides the oil pressure to the hydraulic jack, moving the piston,
which is responsible for the application of the load on the specimen. The load level
was continuously measured by means of a load cell fixed at the bottom of the steel
frame. The electric oven was mounted on the center of the steel frame and a
thermocouple monitored the temperature inside the furnace during the tests.

E —
§ —
-
."'-'.
-
| ey
iy
b=

Figure 123 — Hot tests setup.

In order to support high temperatures without loss of data acquisition, the
displacements were measured with three LVDT’s placed outside the oven and not
subjected to high temperatures. To read the longitudinal displacements, three
tempered glass cylinder bars were fixed, on one side, to the specimen’s top surface,
and, on the other side, to the LVDT’s.
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7.3 Preliminary test — creep at room temperature

A preliminary creep test at room temperature was carried out with a duration of three
days. From the experimental result, the Kelvin-Voigt model (Eq. 57) was adopted to
predict SFRC creep behavior under a compressive sustained load equivalent to
0.2fc2s. In this case, the best fitting was obtained by adopting the following values:
¢ =0.16; g =4.

£ (6, 0) = 2 (14 oo~ (1 = e H10) (57)

A comparison between experimental and predicted values is shown in Figure 124,
demonstrating a good approximation of the Kelvin-Voigt approach. In contrast, the
Model Code 2010 (MC2010) [101] underestimates the experimental results. One
important observation is that, in this case, creep reached much faster a value close to
the asymptotic one when compared to young specimens. This effect, which could be
prevalent on old specimens with an age of loading higher than 10 years, is not
predicted on Eurocode 2 [103] and MC2010 [101].
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Figure 124 — Comparison between creep experimental result and Kelvin-Voigt model.
7.4 Experimental results at high temperature
7.4.1 Calibration tests

Calibration tests were carried out in order to measure the thermal effects of the test
setup on the measured values of specimen tests. In this case, two tests were
performed, considering a maximum temperature of 200°C and 400°C. The tests were
developed without the specimen, measuring the displacements (free thermal
expansion) at the bottom steel rod with three LVDT'’s, as shown in Figure 125. The
results in terms of displacements versus time are shown in Figure 126.
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Figure 125 — Calibration tests measurement procedure. Figure 126 — Results of the calibration tests.

7.4.2 Free thermal strains

The free thermal strains were measured in pre-heated specimens. In order to remove
the thermal effects of the test setup from the results, the values of the calibration test
were subtracted from the measured concrete thermal displacements as described in
Eq. 58, where: £ = concrete thermal strain; §t* =concrete thermal displacements;
5" = steel rod thermal displacements; h, =specimen height.

th th
th _ 5C - 55

e (58)

&

The experimental results, together with the thermal strain prediction by means of both
the Eurocode 2 (EC-2) [103] and the Model Code 2010 (MC 2010), are shown in Figure
127. The temperature evolution refers to the one of the specimen (Figure 128). In the
case of MC2010, the coefficient of thermal expansion adopted was equal to 1x10°. The
results show that EC-2 is in the upper bound limit and MC2010 is in the lower bound
limit.
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Figure 127 - Free thermal strains from pre-heated specimens.

7.4.3 Preloaded specimens

Concrete total strains (¢¢) minus the initial elastic deformation ('), corresponding to
0.2-1.,26(T) and 0.4-f;,28(T), are presented both in terms of strain versus temperature of
the specimen and strain versus time. In order to obtain the temperature in the center
of the specimen, a numerical thermal analysis was carried out using the finite element
software Abaqus, as shown in Figure 128.

400

300

100

= Furnace

= Specimen

0 0.4 0.8 1.2 1.6 2
t [h]

Figure 128 — Evolution of temperature as function of time on the oven and in the center of the specimen.

The results considering a stress level of 0.2:f; 2s(T) are shown in Figure 129 and the
results for the specimen loaded at 0.4-f;25(T) are shown in Figure 130. From the
experimental results, one can observe that most of concrete deformation during
heating in preloaded specimens was recovered after cooling. This phenomenon can
be attributed to the positive effect of the smeared steel fibers in the bulk concrete,
which were able to keep the matrix cohesion, reducing the deleterious effect of thermal
mismatch during the thermal cycle. As a result, despite the decrease of the Elastic
Modulus at high temperature, the residual thermomechanical damage was much
smaller than the one expected for plain concrete.
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Figure 129 — Concrete strains of preloaded specimens considering a load level equivalent to 0.2-f; »(T): a) total strain
minus initial elastic one vs. temperature; b) total strain minus initial elastic one vs. time.
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Figure 130 — Concrete strains of preloaded specimens considering a load level equivalent to 0.4f 5(T): a) total strain
minus initial elastic one vs. temperature; b) total strain minus initial elastic one vs. time.

Creep strains were determined according to Eq. 59, where: " (t, t,, T) = creep strain
during heating and at constant temperature; £€(T) = concrete total strain; e*(T) = free
thermal strain; £¢/(T) = o(T)/E; = elastic strain at high temperature. The results in
terms of creep versus time for specimens loaded at 0.2fc2s(T) and 0.4-fc2s(T) are
shown in Figure 131.

£T(t, to, T) = €6(T) — e™™(T) — £¢4(T) (59)
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Figure 131 — Concrete creep strains during heating and at constant temperature for preloaded specimens considering
an equivalent load of: a) 0.2 ,5(T); b) 0.4f; »5(T).

Due to the characteristics of the test setup (see Figure 123), the load level was not
kept perfectly constant during the experimental tests, as one can observe in Figure
132. This is because, during heating, concrete thermal expansion produced a pullback
force opposite to the applied load, leading to an increase in the pressure of the air in
the compressor and, as a result, increasing the oil pressure in the hydraulic jack and
the stress level on the specimen. In contrast, during constant temperature and cooling,
there was a relaxation of the pressure of the system, resulting in a decrease of the air
pressure and accordingly, to a decrease of the oil pressure and the stress level.
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Figure 132 — Variation of the load level during the experimental tests in preloaded specimens considering an
equivalent load of: a) 0.2 ;3(T); b) 0.4 25(T).

The variation of the load in the tests stressed at 0.4fc28(T) was not as significant as
the one observed in the tests loaded at 0.2fc28(T). In the latter case, there was a
variation up to 30% in the applied load. In order to remove the effects of the stress
variation on the results, the creep function values — v(t,t,,T) - were calculated
according to the Volterra integral as described in Eq. 60, where: €;(t, t,) = concrete
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total strain at the time step k; J,(t,) = 1/E, = initial elastic value; g, = initial stress
level; Ji;(ty, t;, T) = creep per unit stress; Aoy, = 0; — g;,_; = variation of the stress level
between two consecutive time steps.

k
1
glg (t, to, T) = ]O (tO) "0 + E ' ZU(tk' til T) +](tkl ti_l; T)] ' Aio- (60)
i=1

The results in terms of J (¢, t,, T) versus time are shown in Figure 133, indicating a small
variation among the results for the specimens tested at the same maximum
temperature, except for the case of the specimen PL-20-400-1. The highest variation
occurred in the tests loaded at 0.2f; 25(T). This fact can be attributed to the increase of
the load level during heating, which reached a peak with the attainment of a uniform
temperature distribution inside the specimen. The increase in the stress level led to an
increase in the total strains during heating, magnifying the creep values.

0
— -5E-005
©
o
= = PL-20-200-1
-
~ 00001 — w— PL-20-200-2
= = == PL-40-200-1
(=]
b — = PL-40-200-2
- @t PL-20-400-1
-0.00015 : " X G PL-20-400-2
- &= = PL-40-400-1
&= = PL-40-400-2
-0.0002
0 2 4 6
t [h]
Figure 133 —Comparison among the results of preloaded specimens in terms of creep during heating and at constant
temperature.

7.4.4 Pre-heated specimens

The apparent Modulus of Elasticity at 200°C and 400°C are shown in Table 24. The
values were calculated according to Eq. 61 and were obtained during the loading
phase in pre-heated specimens for a load level equivalent to 0.4f(T), as shown in
Figure 134.

Table 24 — Modulus of Elasticity at high temperature

Temperature | Modulus of Elasticity
200°C 40000 MPa
400°C 33000 MPa
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(Pmax - PZO)/AC (61)
(5max - 620)/hc

where: B, ,, =maximum load level; P,, =load equal to 20 kN; A, =concrete cross-
section area; 6,,,, =concrete maximum displacement; §,, = concrete displacement at
P=20 kN; h, =specimen height.
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Figure 134 — Load versus temperature on pre-heated specimens.

Concrete total strains (¢°(T)) minus the initial elastic value at high temperature (£¢(T)),
for two load levels — 0.2-f 25(T) and 0.4-f; 2¢(T) -, are shown in Figure 135.
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Figure 135 - Concrete experimental results of pre-heated specimens in terms of total strain minus the initial elastic one
versus time.

The load and temperature profiles of the pre-heated tests are shown in Figure 136.
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Figure 136 — Load and temperature profiles of pre-heated tests.

The experimental results in terms of creep per unit stress are shown in Figure 137.
The values were determined according to Eq. 62, where: J(¢,t,, T) = creep per unit
stress; £°(T) = concrete total strain; *(T) = concrete thermal strain; £¢/(T) = elastic
strain at high temperature; o(T) = stress level.

ot to,T) _ e5(T) — e™(T) — e°4(T)

J(t, to, T) = = (62)
E.(T) a(T)
0.0001 | — PH-20-200-1
OFE-005 | === PH-20-200-2
| ——— PH-40-200-1
- 8E-005 — & PH-20400-1
E 7E-005 | &——6 PH-40-400-1
E 6E-005
= 5E-005
=
S 4E-005
S 3E-005
2E-005
1E-005
0
0 1 2 3
t [h]

Figure 137 — Experimental results of pre-heated specimens in terms of creep per unit stress versus time.

The experimental results in terms of the creep coefficient for three different
temperatures (20°C, 200°C and 400°C) are shown in Figure 138. At 20°C, the Kelvin-
Voigt prediction is presented, while, at high temperature, the creep coefficient was
calculated according to Eq. 63, where: J(t,t,, T) = creep per unit stress; E; = Elastic
Modulus at high temperature as shown in Table 24. In this case, a linear interpolation
was adopted to determine the Elastic Modulus at different temperatures.
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¢ (t, to, Er) = J(t,to,T) - Ex (63)

Kelvin-Voigt
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Figure 138 — Experimental results of pre-heated tests in terms of creep coefficient versus time at three different
temperatures: 20°C, 200°C and 400°C.

7.4.5 Path dependence

The values of preloaded and pre-heated specimens in terms of total strain versus time
is shown in Figure 139.Figure 140 From the comparison of the results, it is possible to
notice that, as expected, the two load path has an effect on creep, which is also valid
for steel fiber reinforced concrete.
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Figure 139 — Experimental results of preloaded and pre-heated specimens in terms of total strain versus time: a)
0.2.fc,28(T) and 200°C; b) 0.4.fc,28(T) and 200°C; c) 0.2.fc,28(T) and 400°C; d) 0.4.fc,28(T) and 400°C.
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CHAPTER

Discussion of the experimental results

8.1 The role of the boundary conditions (path dependence)

From the experimental results in preloaded and pre-heated specimens, it is possible
to notice the path dependence, which is also valid for steel fiber-reinforced concrete.
The difference between the total strains in the two different load paths can be attributed
to the thermal expansion restraint. In Chapter 6, the restraint effect imposed by the
boundary condition (LITSkc) was evidenced by LITS uncoupling and a equation to
predict this effect was derived.

A comparison between experimental and predicted values is carried out. The
experimental results are shown in Figure 140. In this case, the same thermal strain
values were adopted for all tests in order to guarantee the same initial base of
comparison. The values of the two nominally identical preloaded tests were averaged.
The predicted values were calculated according to Eq. 66, as described in section
6.4.3.

LITSbc = [.Btm ’ qbc(T)] ' ,B(to) Y (64)
Quc(T) = 9.57° - T*46 (65)

where: LITS,,. = the effect of the boundary condition on concrete; q,.(T) = boundary
condition power function; B(t,) = reduction factor to take into account the age of
loading; and ¢ = stress level.
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Figure 140 — Comparison between preloaded and pre-heated specimens: a) 0.2-f; ,5(T) and 200°C; b) 0.4 »5(T) and
200°C; c) 0.2f; ,5(T) and 400°C; d) 0.4f, ,5(T) and 400°C.

The comparison between experimental and predicted values are shown in shown in
Table 25. The experimental values were obtained from the difference of preloaded and
pre-heated results after 7 hours of the start of the tests.

Table 25 — Experimental and predicted values of thermal expansion restraint after 7 hours of the start of the tests.

experimental | predicted (LITS,.)
0.21(T) and 200°C 0.00039 0.00043
0.4-f(T) and 200°C 0.00051 0.00082
0.21(T) and 400°C 0.0009 0.00107
0.4-f(T) and 400°C 0.001225 0.00213

The comparison indicates that the equation (LITSwc) can predict with acceptable
accuracy the thermal expansion restraint effects on preloaded specimens, although for
the specimens loaded at 0.4 2g(T) it overestimates the results. One possible
explanation is that the mechanical strain seems to be not strictly linear to the load level
(see Figure 116b in chapter 6)
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8.2 Load Induced Thermal Strain (LITS)

A comparison between the experimental results and the LITS semi-empirical model
proposed in this thesis and described in details in Chapter 3 was carried out. The
proposed model is shown in Eq. 66, where: By is the variable dependent of the cement
content (Eq. 70); Bim is the variable dependent of the aggregate volume (Eq. 69); qim(T)
is the thermomechanical compliance function in mm/m (Eq. 67); qi«(T) is the
thermochemical compliance function in mm/m (Eq. 68); and B(t,, T) is the reduction
factor to take into account the age of loading (Eq. 71).

Jurs(T) = Bum X Gem(T) + Bre X 4ue(T) x B(to, T) (66)
Qem(T) = (=5.26-1075-T = 9.73-10"7 - T? + 3.23- 1072 - T3 — 4.42 - 10712 - T*%) (67)
q,.(T) = —exp(T°%") - 0.156° (68)
Bun =10 (1“9 yiger)) (69)
By = m(PMeT/140) (70)
Blty) = ———— ()
[ln (%)] + 400

The results in terms of specific values (LITS per unit stress) are shown in Figure 141.
LITS model values considered two cases: one including the effect of the age of loading
(B(ty)) and the other disregarding it. In general, a better prediction was achieved with
the introduction of the reduction factor. From the experimental results, one can notice
that there is not a strictly linear variation between LITS and the stress level, which in
part can be attributed to the highest variation of the load level of the specimens tested
at 0.2fc28(T). Moreover, LITS values on specimens loaded at 0.2c2s8(T) were higher
than the ones loaded at 0.4-fc28(T). This difference was also obtained by Andenberg
and Thelandersson [47] tests on pre-dried specimens (see Figure 74).
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Figure 141 - Comparison of specific LITS values for preloaded specimens considering an equivalent load of: a)
0.2 25(T); b) 0.4 2(T).
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8.3 Basic creep (constant temperature)

At high temperature, creep is increased due to the acceleration of moisture diffusion
(water evaporation below 100°C) and CSH bond breakages (concrete dehydration
above 150°). As a result, the time of development of primary creep is reduced and
creep values are increased. In this case, when the values at room temperature are
compared with the ones at high temperature, one can observe a reduction of the time
of the primary creep development of about 16 times and an increase of the creep
coefficient (¢ (¢, ty, T)) by 4 times at 200°C and by 6 times at 400°C. These results are
in agreement with Gillen [115] tests, which have shown that the primary creep was
developed during the first hour and creep strains at 316°C were 5 times to 10 times
greater than the ones measured at ambient temperature.

From the experimental results, a correlation among basic creep values at different
temperatures was derived using an adapted Kelvin-Voigt model as described in Eq.
72, where: ¢,.(t,t,, T) = adapted Kelvin-Voigt model to include the effects of high
temperature; A(T) = temperature adjusted parameter to take into account the effect of
high temperature on creep (Eq. 73).

Duc(t to, T) = [A(T) * oo (1 — e P C—t0)] (72)
A(T) = 0.165 - T*$ (73)

Table 26 shows the values of creep parameters for the best fitting with the experimental
results for three different temperatures.

Table 26 — Creep parameters adopted in the adapted Kelvin-Voigt model.

20°C 200°C 400°C
Do 0.16 0.16 0.16
B(T) 4 64 64

A comparison between experimental and LITS model values is shown in Figure 142,
demonstrating a good approximation of the results, except for the specimens PH-20-
400-1 and PH-20-200-1.
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Figure 142 — Comparison between experimental and predicted (adapted Kelvin-Voigt model) creep values at constant
temperature.

8.4 Creep at high temperature (LITS and basic creep)

In Chapter 6, LITS values are uncoupled by means of a 2D three-phase mesoscopic
analysis and the effect of the boundary conditions on concrete (thermal expansion
restraint) was defined according to Eq. 74, where: LITS, . = the effect of the boundary
condition on concrete; q,.(T) = boundary condition power function; B(t,) = reduction
factor to take into account the age of loading; and o = stress level.

LITSbc = [ﬁtm ’ qbc(T)] ' lg(to) Y (74)
Qpc(T) = 9.57° - T146 (75)

By introducing the effect of the boundary conditions on concrete, creep at high
temperature for preloaded specimens can be predicted using the adapted Kelvin-Voigt
approach, as described in Eq. 76. The Modulus of Elasticity was obtained from Table
24 and a linear interpolation was adopted to determine the Elastic Modulus at different
temperature levels.

Bt 1 T) = [AT) - ¢ (1 — e FOC0)| 4 LTS, (76)

A comparison between experimental and predicted (adapted Kelvin-Voigt approach
and LITS semi-empirical model) values in terms of creep coefficient versus time is
shown in Figure 143. In this case, it was assumed that concrete behavior remains in
the viscoelastic regime even at the maximum high temperature analyzed. This
assumption is possible since the maximum load applied was lower than 0,4-fc(T)
(0,41c28(T) = 0,3fc(T)), which is generally the accepted threshold of concrete
viscoelastic regime. After that, there is a progressive plastic behavior as a result of
concrete damage.

The results demonstrate that both the proposed LITS semi-empirical model and the
adapted Kelvin-Voigt approach can predict with acceptable accuracy creep behavior
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during heating and at constant temperature. The “bump” observed in the curves at the
peak value can be attributed partially to the variation of the stress level, especially in
the specimens loaded at 0.2:f;25(T), and partially to the fact that the residual Elastic
Modulus (E7) is assumed to be the same in all the bulk concrete. Thus, the prediction
did not take into account the specimen thermal gradient during heating. As a result, at
the end of the heating phase, the variation of the strain level was smaller than the
variation of the Elastic Modulus, which could cause a mismatch and a higher deviation
of the creep coefficient.
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Figure 143 — Comparison between preloaded experimental and predicted (adapted Kelvin-Voigt and LITS semi-
empirical model) values for a maximum temperature of: a) 200°C; b) 400°C.

8.5 The role of the fibers

One important observation from the experimental results is that most of concrete
deformation during heating in preloaded specimens was recovered after cooling,
indicating that most of the concrete deformation were viscoelastic and not originated
from concrete damage (irrecoverable mechanical strain). This phenomenon can be
attributed to the positive effect of the smeared steel fibers in the bulk concrete, which
were able to keep the matrix cohesion, reducing the deleterious effect of thermal
mismatch during heating and cooling. As a result, despite the reduction of the Modulus
of Elasticity with the temperature increase, the residual thermomechanical damage
was much smaller than the one expected for plain concrete.

The curvature of the experimental LITS compliance (Juts) curve is modified after
200°C (reduction of LITS growth rate), as one can notice in Figure 141. This effect was
not observed on plain concrete (see the comparison between LITS model and
experimental results from others in section 4.3.8), where LITS growth rate is always
increasing with respect to temperature. This could be an effect introduced by steel
fibers which contribute to reduce concrete damage (control of microcracking and crack
propagation). In fact, comparing these results with the residual compressive strength
of the same material at 1-year-old (see Colombo et al [50] results in Figure 37), one
can notice that, between 200°C and 400°C, the strength decay is very low.
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CHAPTER

Conclusions and future perspectives

9.1 Conclusions

A new semi-empirical model was proposed and compared both with experimental data
and empirical models from other authors who worked on plain concrete. Important
findings were obtained and the main conclusions are described below.

The LITS semi-empirical model proposed recognizes concrete as a
heterogeneous biphasic material (aggregates + matrix) and describes LITS as
the sum of thermomechanical (microcracking, thermal expansion restraint and
aggregate degradation) and thermochemical (concrete drying and dehydration)
strains.

The model was compared with experimental results from others, showing its
reliability. The great advantage of this model is that it could be adopted for
different types of plain concrete (NSC, HSC, UHPC) and SFRC and can be used
for design engineers and researches to have a preliminary and straightforward
value of the load induced thermal strain (LITS), without the necessity of
complicated numerical analyses.

LITS is directly proportional to the volume of aggregates, which leads to
concrete microcracking due to thermal mismatch, thermal expansion restraint
imposed by the compressive sustained load and higher deformations as a result
of aggregate thermal damage and increasingly ductile behavior.

As expected, the aggregate type has a direct influence on LITS behavior. While
recycled aggregates breaks up at about 400°C, siliceous and calcareous
aggregates decompose at 1200°C. In order to account for this effect, two
compliance functions were derived to be used in the proposed semi-empirical
model.

A 2D three-phase mesoscopic nhumerical modeling was carried out, LITS strains were
uncoupled and the path dependence was analyzed. The model was validated with
Khoury [116] experimental results. A parametric study was developed in order to
investigate the sensitivity of the model to variations in the concrete mechanical
properties and aggregates distribution. The main conclusions are described below.

A good agreement was obtained between the experimental results and the 2D
three-phase mesoscopic modeling both in terms of total strains and LITS.

A parametric study shows that changing the mechanical properties (strength
and elastic modulus) of the aggregates or the matrix by £25% lead to a much
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higher variability in the total strain values (up to 109%) in comparison to LITS
(less than 10%). The least sensitive response, both in terms of total strain and
LITS, was obtained by changes in the mechanical properties of the ITZ.
Different aggregate distributions, on one hand, produced a high scattering in the
total strain values (CoV ranging from 9% to 95%) and, on the other hand, had a
very small impact on LITS behavior (maximum CoV of 15%).

LITS was uncoupled into three components: the effect of the aggregate
geomechanical properties decay with temperature (LITSagg), the effect of the
matrix thermomechanical properties decay (LITSmat) and the restraint effect
imposed by the boundary conditions (LITSkc). The results have shown that
LITSkc plays a very important role in ordinary concrete, superseding dehydration
(LITSagg) as the leading process of LITS.

A comparison between numerical and the proposed LITS model, in terms of
thermomechanical and thermochemical strains, demonstrated that the model
has a good correlation with the numerical results.

From the numerical analyses, the constitutive equations for both LITSagg and
LITSe: were derived. Further analyses should be carried out with different
concrete mixtures in order to validate these equations for other concrete types.
An analysis of the path dependence taking into account preloaded and
preheated specimens have shown that, immediately after loading, preheated
specimens show a higher potential energy in relation to the preloaded one due
to the relatively lower damage in the bulk concrete. Moreover, the difference
between LITS values from preloaded and preheated specimens seems to be
result of the thermal expansion restraint imposed by the boundary conditions.

In the experimental campaign, a comparison between the mechanical properties of 1-
and 10-year-old SFRC was carried out in order to study the long-term aging properties
of the material. Some considerations regarding the differences between 3PB and 4PB
tests and their implications to the material classification were addressed. A comparison
between fixed-end uniaxial tensile tests and DEWS tests was developed. The main
conclusions are described below.

Long-term aging on FRC material result in a significant increase in fiber SLS
strength contribution. A comparison between 1-year-old and 10-year-old
materials has shown a large increase in the peak and SLS post-peak strength
(roughly by 50%), which can be attributed to matrix improvements, while fiber
pull-out resistance affecting ULS strength was barely increased (frs,av was
roughly augmented by 15%).

Due to the localized effects of the mechanical anchorage of the hooked-end
steel fiber, which comprises a much smaller concrete surface area in relation to
the bulk matrix, the upgrade in the material class can be attributed mainly to the
matrix contribution with the increase in the peak and in the SLS post-peak
strengths.

The high heterogeneity of FRC mechanical behavior in the post-cracking regime
significantly penalizes the material classification. For example, 3PB first post-
peak strength (frs) resulted in an average value of 8.37MPa, with a
characteristic one of 5.59 MPa and a classification as 3a material in order to
respect the limitations for structural use.

The Model Code approach, passing from the classification to the tensile
constitutive law, was confirmed by the comparison of the uniaxial tensile
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constitutive law (stress-COD curve) with direct and indirect tensile test results
and by the comparison of the bending test results with the prediction of the
bending moment versus CMOD curve.

Creep tests at high temperature considering both preloaded and pre-heated
specimens were performed. Creep at high temperature was predicted both in
preloaded (LITS) and preheated (basic creep) specimens by means of an adapted
Kelvin-Voigt model. The model takes into account the effect of creep acceleration due
to the temperature increase by means of a temperature-adjusted parameter. The
proposed LITS semi-empirical model was also validated with the experimental results.
The main conclusions are described below.

A comparison between creep experimental result at room temperature and
predicted values using the Kelvin-Voigt approach, Eurocode 2 and Model Code
2010 was carried out. In this case, for a 11.5-year-old specimen, the Kelvin-
Voigt model demonstrated a good agreement with the experimental values,
while the Model Code 2010 underestimated the results. One important
observation is that creep reached a value close to the asymptotic one in less
than two days. This effect, which could be prevalent in old specimens with an
age of loading higher than 10 years, was not predicted both in the case of the
Eurocode 2 [103] and the Model Code 2010 [101].

At high temperature, creep (measured in pre-heated specimens and loaded
after the temperature stabilization) is increased due to the acceleration of
moisture diffusion (water evaporation below 100°C) and CSH bond breakages
(concrete dehydration above 150°). As a result, the time of the development of
primary creep is reduced and creep values are increased. In this case, when
the values at room temperature are compared with the ones at high
temperature, it was observed a reduction of the time of the primary creep
development of about 16 times and an increase of the creep coefficient by 4
times at 200°C and by 6 times at 400°C

A good approximation between LITS experimental results and the proposed
semi-empirical model was obtained. In this case, a better prediction of LITS was
achieved when the age of loading was taken into account by means of the
introduction of a beta factor proposed by the author. This indicates that concrete
long-term aging has an influence on LITS.

The curvature of the experimental LITS compliance (Jurs) curve is modified
after 200°C (reduction of LITS growth rate) and this could be an effect
introduced by steel fibers. This effect was not observed in plain concrete, where
LITS growth rate is always increasing with respect to temperature.

Both the proposed LITS semi-empirical model and the adapted Kelvin-Voigt
approach were able to predict with good accuracy creep behavior in preloaded
specimens. Moreover, the adapted Kelvin-Voigt model has shown a good
approximation with the experimental results of pre-heated specimens.

One important conclusion that comes from the experimental results is that most
of concrete deformation during heating in preloaded specimens was recovered
after cooling, indicating that most of concrete deformation were reversible and
not originated from concrete damage (irrecoverable mechanical strain). This
phenomenon can be attributed to the positive effect of the 3D-distribution of

139



steel fibers in the bulk concrete, which were able to keep the matrix cohesion,
reducing the deleterious effect of thermal mismatch during heating and cooling.

9.2 Future work and perspectives

The researches on this area are converging towards a consolidation of the main
theoretical aspects, especially regarding the better understanding of the main
mechanisms of LITS activation. New experimental tests developed in recent years
allow the creation of a database that can subsidize new studies, giving valuable
information about LITS behavior on different types of concrete. The major challenge is
to develop a transient creep model that can be reliable to be used with any type of
concrete.

Future work in this area could focus, for example, on the role of the moisture content
to transient creep. An equation to describe drying creep during heating considering
different moisture conditions is still to be formulated. Experimental tests taking into
account specimens with different w/c ratios can give more information about transient
creep evolution during the initial stages of heating (20°C to 150°C).

The role of fibers (steel polypropylene, carbon, etc.) has just started to be investigated.
A few researches on transient creep in compression were carried out on concrete
reinforced with PP fibers in the recent years, indicating an increase of transient creep
due to the higher concrete porosity induced by fibers melting. However, tests with steel
fibers (SFRC) and textile (TRC) are still to be done. Experimental tests in tension
should also be developed, especially in post-cracked specimens in order to investigate
fibers viscous-shear pull-out effect.

DEWS tests should offer a good approach to investigate thermal transient creep in
uniaxial tension.

By means of both experimental and numerical mesoscopic analyses, it is possible to
uncouple LITS thermomechanical strain into aggregate (LITSagg) and thermal
expansion restraint (LITSkc) effects. Further experimental analyses could be able to
uncouple the thermochemical strain into drying creep and dehydration creep.
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